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FOREWORD

Lifetime analysis of the first wall including the divertor and

limiter is an important subject for the design of fusion reactors. These
components are exposed to severe mechanical, thermal and irradiation
effects, that limit their useful structural life and their design
lifetime has a large influence on the selection of major reactor design
parameters,

The Technical Committee on Lifetime Predictions for the First Wall

and Blanket Structure of Fusion Reactors was convened by the
International Atomic Energy Agency in Karlsruhe on the invitation of the

Government of the Federal Republic of Germany. The meeting was hosted by
the Nuclear Research Centre Karlsruhe and chaired by Dr. J. Vetter, KFK
Karlsruhe, The purpose of the meeting was to provide an international
forum for reviewing and discussing the state of the art of lifetime
predictions for the first wall, diverter and limiter of fusion reactors,
and to identify areas in which additional research and development are

needed. The meeting emphasized the review of life limiting mechanisms
and their influence on plasma facing components of fusion reactors.
Particular attention was given to the discussion of different approaches
and models for the prediction of component lifetimes,

The Technical Committee was subdivided into three technical sessions:

1) Life-limiting Mechanisms
2) Stress Analysis and Lifetime Evaluation
3) Erosion and Depository Effects

At the end of the meeting a round table discussion was held on
Future Goals and Needs in Lifetime Assessments.

The meeting was attended by 34 participants from Ll countries and 2
International Qrganizations presenting 18 papers.

The present volume contains all papers and session summdaries of tnis
meeting.
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Session Summaries

LIFE-LIMITING MECHANISMS

M. BOCEK
Kernforschungszentrum Karlsruhe,
Karlsruhe, Federal Republic of Germany

Plasma burning with periodic refueling in fusion reactors will
produce temperature and thermal stress cycling. The cyclic stress in the
first wall structural material is likely to be reversing in the
tension-compression sense. 7The response of materials to such mechanical
loading is the development of fatigue damage. It is expected that crack
growth will lead to component failure.

It is obvious that materials' properties will change during their
lifetime, For instance helium implantation and radiation damage will
affect bulk properties., Sputtering, redeposition etc., will influence the
surface conditions, i.e. the metallurgical structure and composition of
materials will depend on the loading conditions and hence both will vary
in time.

In this session a model for lifetime prediction was presented
(Diegele, Fett, Munz) to outline the general procedure and to demonstrate
the behaviour of structures facing the plasma. In detail temperature
distributions and elastic stresses due to thermal loading were calculated
taking into account the redistribution of stresses due to irradiation
induced creep and swelling. Cracks of different initial sizes were
assumed in the inner and outer wall surface and the lifetime was
estimated by means of crack extension computations. It was concluded
that crack growth on the outer wall surface is more serious than on the
inner surface. In comparison to austenitic steel (SS 316) martensitic
steel (1.4914) has a longer lifetime under same boundary conditions,

In one of the lectures (Schrdder) results of experimental and
theoretical investigations concerning the influence of helium on creep
properties and on material lifetime as conducted in different
laboratories were reported. Therefrom "maps™ can be established which
allow the estimation of the lifetime limiting failure mechanisms in
austenitic stainless steels for given load conditions.

Klippel and van der Schaaf examined—-by means of laser light
pulses—thermal shock effects on the lifetime of crept and strain cycled
88 316 and vanadium based alloys. Metallographic investigations revealed
eroded areas with plenty of cracks. Under comparable conditions the
lifetime of these specimens turned out to be appreciably lower than those
of the "unirradiated"” specimens. Although the quantification of the
effect is difficult, the method demonstrated could be used for simulation
of plasma-wall interactionms.

The paper of Green et al. gives an overview about the PIREX
program, The facility (under installation) will allow to evaluate the
microstructural and mechanical effects expected to be generated in the
first wall and blanket structure by the combination of the environmental
loading and radiation damage.



STRESS ANALYSIS AND LIFEFIME EVALUATION

R.F. MATTAS

Argonne National Laboratory,
Argonne, Illinois,

United States of America

The first part of Session B consisted of four papers which examined vari-

ous aspects of stress analysis and lifetime evaluation.

The first paper by M. Bocek entitled, "Constitutive Equations for High
Temperature Creep Under Non-Stationary Stress and/or Temperature Loading Con-
ditions” considered creep-rupture lifetime predictions of materials where the
lifetime was limited by cavitation damage. Constitutive equations have been
developed which describe the accumulation of damage during creep-rupture. The
equations can then be used to predict the shape of the creep curves and the
lifetime of materials under time dependent loading and temperature condi-
tions. The inclusion of the time dependence of stress and temperature repre-—
sents a considerable advance in creep-rupture modeling. The equations have
been used to successfully describe high temperature burst tests of Zircaloy.
An important restriction in developing the analytic solutions to the equations
is that the metallurgical state of the system is assumed to remain the same
during the application of stress ard high temperature. This restriction means
that fundamental changes in microstructure during the stress/temperature his-
tory, such as irradiation induced changes, are not presently taken into
account by the model. Much of the discussion involved the initial assumptions
used in developing the model and the limits of applicability. Dr. Bocek
stated that he based the model on measurable macroscopic quantities, rather
than microscopic parameters, so that it could easily be verified against
existing data. The model is presently limited to predicting lifetimes at high

levels of strain and does not consider the primary creep stage.

The second paper by A. Ludwig entitled, "Thermo-Mechanical Stress in

Structural Components Close to the Plasma,” describes the modeling of the long
term cyclic response of the first wall., The computer code TSTRELT has been
developed for this purpose. 1In TSTRELT, which is based upon the code TSTRESS
written at the University of Wisconsin, the first wall structure 1is repre-
sented by a plate element which is uniformly loaded over its surface. The
TSTRELT code uses an approximative extrapolation procedure where the actual

rates of creep, swelling, and wall erosion are replaced by average values.



This procedure results in a greatly reduced number of calculations without
losing important information about the history of the first wall., The code
has been used to predict the structural response of the INTOR and JET first
walls. The results, which are presented using computer generated “3-D" time,
stress, and depth plots, show the evolution of the first wall stress when

radiation creep and swelling are considered.

The third paper by D. Acker and G. Chevereau entitled, "The RCC-MR Design
Code for IMFBR Components; A Useful Basis for Fusion Reactor Design Tools
Development,” describes the applicability of IMFBR design codes to fusion
reactor design. 1In several areas, it appears that LMFBR codes can be success-
fully applied because of similarities in operating temperature levels (550-
600°C), structural materials (stainless steel), stress loading conditions, and
irradiation effects, The RCC-MR code, which was developed for the French
LMFBR program, was specifically addressed. This code considers temperatures
and stresses during both normal and off-normal operation, the effects of
creep, the ratchetting limits of materials, fatigue and creep-fatigue damage
limits and buckling. The authors believe that the RCC-MR code can serve as

the basis for developing a fusion reactor design code.

The final paper of the session by T. Horio, et al., and entitled, "An
Analytical and Experimental Study on Lifetime Predictions for Fusion Reactor
First Walls and Divertor Plates,” describes recent work in Japan in several
areas related to lifetime studies. The items described in the paper are the
materials data base system, a one—-dimensional lifetime analysis of the first
wall and divertor plate, 2-D elastic-plastic finite element analyses of the
first wall and divertor plates, and experimental results of thermal and stress
fatigue tests of divertor plate duplex structures. The main conclusions from
this work are: 1) Erosion and fatigue appear to be lifetime limiting rather
than creep or swelling in near term reactors; 2) Induced plastic stresses dur-
ing disruptions will enhance rachetting strain in the first wall; 3) Fatigue
failure tests in tungsten—copper duplex structures show that failure occurs in
tungsten at high strain ranges and in copper at low strain ranges; and 4) 2-D
elastic-plastic analyses are believed to be required to fully understand the
behavior of the first wall and divertor plates.

In summary, these papers show that considerable progress has been made in
developing design codes and lifetime models for fusion components. Similar
approaches have been taken by various researchers in developing the lifetime
models. The major long term needs for further development are a reduction in
uncertainties in materials properties, particularly radiation effects, and

direct verification of model predictions with experiments.
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STRESS ANALYSIS AND LIFEFIME EVALUATION (cont.)

T. TONE

Japan Atomic Energy Research Institute,
Naka-machi, Naka-gun, Ibaraki-ken,
Japan

Three of four presentations put an emphasis on the methodology of
lifetime predictions and the characteristics resulting from exemplified
applications (B5, B7, B8), while the other one (B6) discusses numerical
results obtained from one-, two- and three-dimensional models applied
to the stress analysis of the NET first wall structures. Two one-
dimensional computer programs developed for lifetime predictions are
reported (B5, B7), with an emphasis on their usefulness and adequacy
to perform extensive analysis studies for a wide variety of operating
conditions and design parameters under the present big uncertainties of
input parameters (materials properties, loading conditions, etc.). In
addition, through further discussions on the suitable and practical
methodology under the present problematic areas and uncertainties in
lifetime predictions, the simplification concept of computational
procedures and a draft of simplified structural design criteria are

presented (B8).
Individual papers presented are briefly summarized as follows.

The one-~dimensional computer code developed for the lifetime
prediction of first wall and impurity control components is capable
of examining sputtering erosion, swelling, creep, fatigue and crack
growth, and their synergistic effects (B5). The lifetime analysis
applied to INTOR first wall and divertor plates indicates that both
the INTOR first wall and divertor will have acceptable lifetimes,
though the considerable uncertainties in the analysis are recognized.
Since the INTOR first wall has little operating margin, impact of
uncertainties on the lifetime is large. For example, a small increase
in surface heat load or erosion rate could reduce the lifetime to an
unacceptable level. A need to verify code predictions is proposed.
In the absense of direct verification by experiment, it is pointed out
that it is desirable to compare predictions of different codes with

each other, e.g., through the use of benchmark problems.

The modeling of one-, two~ and three-dimensional thermo-mechanical

analysis applied to the NET first wall is discussed (B6). The 3-D first



wall geometry is simulated by the first wall-box model. The results
obtained show that the ratio of peak 3D-stress to peak 1-D stress is

in the range of 1.07 ~1.15. Influence of the first wall coolant
channel geometry on the peak 2-D thermal stresses is well represented
by a linear relationship with the aspect ratio of coolant channel to
front plate of the first wall. Stress concentration factors in grooved
first wall are analyzed for three types of groove geometry. Parametric
calculations are conducted to examine the range of thermal fatigue
limits for the NET first wall with austenitic stainless steel, With
some conditions, the conclusion says that the type 316 SS first wall of
NET appears to be marginally feasible for the required 10° burn cycles,
and that grooved protection layers are not applicable due to high stress

concentrations.

An analytical methodology for predicting the first wall lifetime
in simple geometries (cylindrical and spherical shell) is presented(B7).
The usefulness of the analytical methods for the first wall long-term
behavior is concluded by demonstrating the important results of general
nature. As for the inelastic response the ratio of the swelling and
creep rates is important. If the ratio is linear in dose the additional
stresses saturate, If the ratio is larger than one a continuous stress
increase will lead to an early life termination. 1In case of a DEMO
power reactor first wall made of 207% cold worked 316 SS the most
important lifetime limitations are the tolerable amounts of swelling

and creep deformation.

Main problems in first wall lifetime predictions, particularly
from the viewpoint of computational methods, design criteria, and
analysis modeling and procedures, are discussed and summarized(B8).
As for computational methods, it is addressed that no model describes
completely the complex plastic and creep behavior. The hypotheses in
the material model developed by Oak Ridge National Laboratory, which
is implemented in the finite element computer codes such as ADINA,
MARC, and ANSYS, are reviewed, 1Tt is pointed out that their wvalidity
to be applied to first wall plastic and thermal creep analysis is to
be verified for the first wall material conditions. A first draft of
simplified criteria is proposed for use in the predesign phase of the
NET project. The major differences between the predesign criteria and the
ASME~code are identified. 1In the predesign criteria operational loading

conditions are grouped into 2 categories, while in the ASME-code into

12



6 categories, The major conclusion is that simplified method for
lifetime assessment are essential particularly in the predesign phase

with considerations of the present uncertainties, and for comparative

evaluation of different design options.
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Round Table Discussion
FUTURE GOALS AND NEEDS IN LIFETIME ASSESSMENT

D.R. HARRIES
The NET Team,
Garching near Munich

The Chairman, Dr.D.R. Harries (The NET Team, Garching bei Miinchen), opened the
session by listing the principal areas on which the subsequent discussion was
centred. The main conclusions and recommendations arising from the very
lively, 1.5 hour discussion on the future goals and needs for assessing the
lifetimes of the first wall and other plasma facing components may be

summarised as follows:

1. Plasma physics boundary conditions

The need for more precise data on the loadings from the plasma to the
surrounding components was emphasised. In particular, the physicists were
strongly urged to supply data on the particles, energies, electrical
fields and, in the case of plasma disruptions, a systematic analysis of

the global experience from large tokamaks.

2. Materials requirements and data bases

(i) Materials

First Wall

The materials of primary interest for the first wall in the next step
Tokamak fusion devices are: solution annealed or cold worked 316 type
austenitic steels and quenched and tempered 9-12%Cr martensitic steels.
The candidate materials for later reactors include titanium modified 316
type austenitic steels, vanadium base alloys and the low activation

materials which are currently being developed.

First Wall protection

A metallic first wall will not be able to withstand plasma disruptions
without excessive surface damage and detrimental effects on the integrity

of the structure. There is no guarantee at this stage that plasma
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disruptions can be completely avoided in large Tokamaks and methods of

protecting the first wall have to be considered.

The favoured protection material is graphite as it sublimates and only
melts at temperatures of >4000°C and at a pressure of > 100 atmospheres.
However, it exhibits excessive irradiation growth and swelling and has
unfavourable hydrogen recycling characteristics; a grade of graphite

with better irradiation resistance or graphite impregnated with silicon
could be used but periodic replacement of the protection would still have
to be contemplated. Other materials, such as ceramics, composites and low
Z (beryllium) and high Z (tungsten and molybdenum) elements have also been
considered but their resistance to plasma disruptions is inferior to that

of graphite.

Divertor

Low physical sputtering coefficient tungsten, molybdenum and their
respective alloys are currently considered as armour materials for the
divertor impurity control system, with copper and copper alloys proposed
as heat sink and coolant tube materials respectively in some of the
present design concepts. The choice of materials for the divertor armour
is still a matter of some concern as the sputtered atoms of the high Z
elements are effective in quenching the plasma and resistance to plasma

disruption effects is required.

Limiter

A number of metallic and non—-metallic materials are being explored as
potential limiter materials in TEXTOR and carbon and beryllium considered

for JET.

(ii) Data bases

Experimental data on the following materials bulk properties and

behaviour, in the form of constitutive equations or rules, are required

for predicting the lifetimes of the plasma facing components:

(a) Physical, chemical and magnetic properties.

(b) Mechanical properties (tensile, creep, relaxation and rupture, low
cycle fatigue, fatigue crack growth, creep—fatigue, thermal fatigue

and fracture toughness) in the unirradiated and irradiated conditions



as well as irradiation—-induced micro-chemical and - structural
changes, void swelling and creep. The possibility of failure by
thermal fatigue is a major concern since the first wall is subjected
to alternating thermal stresses induced by the surface and volumetric

heating from the plasma and the pulsed nature of the operation.

The possibility of hydrogen isotope embrittlement of the plasma facing
component materials is a major concern since high concentrations of
deuterium and tritium are injected from the plasma and hydrogen is
formed by (n,p) reactions. Data are also required on the synergistic
effects of helium (He3 formed by decay of the tritium, He4 produced by
(n,ol) reactions and injected from the plasma), hydrogen and

displacement damage on the mechanical properties.

For the metallic structures, data on the properties of the welds and
heat-affected zones, and brazings are required in addition to those on

the parent materials.

(¢) Interactions with the coolants, particularly with respect to localised
effects such as stress corrosion, stress assisted and caustic
cracking; influence of irradiation on these phenomena as well as on

the general corrosion of the materials in contact with the coolants.

(d) The properties of rewelded, tritiated and irradiated materials.

With respect to plasma surface interactions and their influence on the
lifetimes of the plasma facing components, data are primarily required
on: the physical and chemical erosion, the properties of the sputtered
and redeposited materials and the effects of plasma disruptions, run-

away electrons and arcing.

(i11i) Test facilities and irradiation sources

Since a 1large volume, high 14 MeV neutron flux facility is not
available, data on the bulk properties will continue to be obtained
during and following irradiations in thermal and fast reactors and
with charged particles in accelerators and cyclotrons. Since these
approaches do not exactly simulate the fusion neutron envirounment,

theoretical and experimental studies have to be continued in an

17
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attempt to establish fission—fusion and charged particle-fusion

correlations.

For surface damage investigations, a dedicated facility is required to
determine the properties of the redeposited materials. The effects of
plasma disruptions can be usefully simulated in high heat flux test
facilities utilising intense electron or laser beam heating. The use
of existing fusion devices such as JET, TFTR, TEXTOR and JT-60 for
exposing samples or probes to the plasma should continue but it is
paramount that the experimental conditions are sufficiently well

defined and controlled to allow the data to be fully interpreted.

(iv) Models and equations

The development of phenomenonological and physically based models will
significantly enhance the interpretation of the materials data and
contribute to the formulation of the constitutive equations of the

materials behaviour required for the lifetime assessments.

Computational tools and procedures

The thermostructural response of the plasma facing components in a fusion
system can, to a large extent, be predicted using existing finite element
codes. However, the validity of the basic assumptions in the mathematical
representations of the materials behaviour has to be qualified for the
component materials, loading and environmmental conditions and geometries.
The loading conditions and geometries can be idealised in first
estimations of the 1lifetimes but 1less conservative and more refined

approaches will be necessary in the longer term.

Failure criteria

The computed structural responses have to be evaluated with respect to the
potential failure modes. Thus, limits have to be defined for the material
integrity and for the component functional requirements. The structural
design code ASME Section III and Code Case 47 forms a valuable starting
base but the effects of irradiation on the failure limits have to be
included and fracture mechanics approaches also considered in extended

versions.



The up—dating and finalisation of the failure criteria will, of necessity,

require many years of dedicated effort.

Lifetime evaluations

The predictions of the component lifetime analyses need to be compared
with experimental results; for example, data obtained from high heat flux
tests would form an extremely useful basis for some of the comparisons.
In addition, uncertainty analyses of the estimates of the component

lifetimes will be required.

The discussion concluded with the following recommendations for promoting
and implementing further work relevant to this topic of lifetime assess-

ments for the plasma facing components in fusion reactors:

(1) Arrange specialist meetings on specific topics.

(ii) Establish working groups in specific areas.

(iii) Undertake reviews of the literature and materials data bases.
(iv) Compile materials handbooks.

(v) Organise benchmark or "round-robin" exercises.
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LIFE-LIMITING MECHANISMS



LIFETIME LIMITATION OF FIRST WALL
STRUCTURES BY FATIGUE CRACK PROPAGATION

E. DIEGELE, T. FETT, D. MUNZ
Kernforschungszentrum Karlsruhe,
Karlsruhe, Federal Republic of Germany

Abstract

The extension of small cracks by cyclic thermal stresses caused by
the cyclic operation seems to be the most important failure mode
of first wall structures of fusion reactors. The change of stress
during one cycle at different locations of the first wall is de-
pendent on the heat flux, the details of the geometry of the first
wall structure and the cooling conditions. In addition the stress
distribution is affected by the creep and swelling behaviour of
the material.

To investigate the effect of the different influencing parameters
first the behavior of pressurized tubes was considered. The lifetime
calculatioms were performed in the following steps: temperature
distribution, stress distribution, cyclic stress intensity factor,
cvclic crack growth rate, lifetime. For stainless steel the re-
distribution of the stresses due to radiation creep and swelling
changes the mean stress.

This affects the crack propagation at different locations of the
tube during the lifetime.

At the present time the calculations are extended in the following
directions:

- replacing the longitudinal cracks by more realistic semi-
elliptical surface cracks

- comparison of austenitic and martensitic steels

- considering more complex structures, proposed by the NET-team.

The results, available at the time of the meeting, shall be
presented.

1. Introduction

Different failure modes have to be considered in the design of the first wall
and blanket of fusion reactors; namely
— excessive plastic deformation due to exceeding of the yield

strength or to creep,



~ creep rupture,
— crack propagation due to cyclic loading,

- wall erosion due to sputtering.

Crack extension by cyclic operation of a fusion reactor seems to be the most
important failure mode. Cracks can be generated during fabrication as welding
cracks, during normal operation as fatigue cracks or during plasma dis-

ruptions.

The stress distribution is caused by external heating and by internal pres-
sure of the cooling medium. This stress distribution changes during operation
because of radiation creep and swelling. The change of the stress field du-
ring the burn-off phase is superimposed to this gradually changing stress

distribution.

In the past, lifetime calculations were performed often for constrained
plates /1-4/. In /S, 6/ these results were extended to include tubes of
stainless steel SS 316 (20% CW). Here results are presented for a first wall
with square cooling channels (NET design). In addition a preliminary compari-
son of stainless steel with the martensitic 10.5 % Cr steel (German designa-

tion 1.4914) is given.

2. Temperature and Stress Distribution

2.1 Geometry

One of the designs proposed by NET is a water cooled first wall with 'square'
channels and inner tubes at 240°/280°C temperature and breeder material 1li-
quid Li,, Pbgs (Fig. 1). Calculations are made for a set of parameters. For
example the thickness d of the first wall front side and the curvature radius
R of the 'square' channel are varied. Here results are presented for d = 8 mm
and R = 6 mm. The other geometric data, given by the NET team, can be taken

from Figs. 1 and 2.

2.2 Finite element meshes

Temperature calculations are performed on a two dimensional structure using
1169 nodes and 352 elements with the FE program ADINAT. Thermal stresses are
computed for a 3-D structure with ADINA. The mesh, modeled with 1709 nodes

24
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and 208 elements, is explained in more detail in Fig. 3. To simplify the
model, the cooling pipes and breeder material have been neglected in the
stress analysis; besides, it was assumed that no internal pressure acts on

the structure.

2.3 Thermal loads

The plasma side first wall is subjected to surface heating and heat deposi-
tion due to power release by neutrons. A surface heat flux Q of 15 W/cm2 and
an internal heat generation rate és of 15 w/cm3 (over the whole structure)
are assumed during the burn-time of the plasma. We furthermore suppose the
maximal values of a and 6 to be reached linearly within 10 s after plasma
ignition, a burn-time of 250 s with constant q and 6, a linear decrease of
the surface heat flux and volumetric heating to 0 within 10 s after burn—off

time, and a dwell time of 50 s.

2.4 Boundary conditions for temperature calculations

We use adiabatic boundaries, except for the inner side of the coolant tube
for which an environmental temperature of the cooling medium HZO of

240°/280°C is fixed. The heat transfer coefficient is 0.5 W/cmz/K.

2.5 Material properties

Austenitic 316 SS and martensitic 1.4914 steel are considered as structure
materials. The temperature dependence of the Young's modulus, thermal con-
ductivity, thermal expansion and volumetric specific heat are documented in
Figs. 4, 5 and 6. Data for the breeder material Li;; Pbgy are shown in Fig.
7. As maximal volumetric heat generation in this material was assumed to be

20 W/cm3.

2.6 Displacement constraints

A thermal stress analysis was carried out while fixing some points of the
mesh. The left side has deleted degrees of freedom in the x-direction. In
order to keep the cut of the first wall (Fig. 2) free from bending, the
displacements on the right side are subject to constraint. The structure can
expand in the x-direction keeping the right side parallel to the left. The

same consideration was made for the 'front/back' sides.
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2.7 Temperature analysis

A transient analysis was performed. The structure was heated from the initial
conditions (260°C) until steady state, then cooled with a dwell-time of 50
sec and heated again from minimal temperature. The time dependence at the
point of maximal temperature (Point A in Fig. 2) is documented in Fig. 8. The
maximum temperature is 488°C and 455°C, respectively, for the austenitic and
the martensitic steels. Furthermore, we show two contour plots at the end of

the burn-time for the two materials examined, Figs. 9 and 10.
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The temperature variation (Tmax - Tmin) of martensitic steel is 15% less than

for austenitic steel.

The temperature distribution is not symmetric with respect to the middle axis

because of different inlet and outlet cooling temperatures.

2.8 Stress analysis

The structure is assumed to be free from stresses under the initial condition
(260°C). The distribution of stresses at the end of the burn time (maximal
temperature) and after the dwell time (minimal temperature) are of greatest
interest. As expected by the temperature distribution, there are compressive
stresses on the plasma side and tensile stresses on the back side of the
first wall in any direction. This can be documented by contour plots for the
nodal stresses. In Fig. 11 stresses for austenitic steel and in Fig. 12

stresses for martensitic steel are shown.
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Maximal tensile stresses for austenitic and martensitic steel are:

in x direction 596/321 MPa (at Point F)
in y direction 61/28 MPa
in z direction 486 /263 MPa (at Point B)

Maximal compressive stresses are reached at point E (-527/-292 MPa) in

x direction.

The first conclusion is, that for martensitic steel the stresses are about
45% less than for austenitic steel. Considering the components it seems to be
suitable to neglect in some calculations the stresses in the y-direction as
they are about 107 of stresses in the x and z- directions. The highest stres-

ses across the whole first wall appear in the x-direction (axial direction).

The failure behavior of the first wall cracks is considered at points A and B
of Fig. 2. The stresses along the lines Ll’ L, must be known for the calcula-
tions of crack growth. In Figs. 13 - 16 these stresses acting in the x and z-

directions are indicated.

3. Stress Intensity Factors

The intention of this report is to demonstrate the general treatment of
lifetime predictions under the aspects of fatigue. Therefore, the procedure
will be outlined in detail for cracks on the cutting line "A - B" for the
austenitic steel in Fig. 17. For this line the results of the FE-calculations

can be represented by polynomials.

For y{ b; one obtains
T=04B87-644F-91F% -355§%414.2¢"

0, =-481+383F-8.372.261¢3 -123¢* )

L
n
L=<

7, < 1
0, =-526+311§ + 311F2 -262¢% «147€¢

and for b, L ¥ b it yields

T =~ 330°C
(2)
o, =544-3142 +50.3 %? = Y2
b-b,
dy £ 30MPa
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3.1 Time dependent stress development

The initial stresses are influenced by irradiation creep and swelling.

3.1.1 Swelling

The basic effect is the displacement of atoms from their lattice sites, thus
producing vacancies and interstitials. Such defects can interact in two ways.
Vacancies and interstitials can recombine to annihilate each other, or vacan-
cies can nucleate and grow, producing so-called cavities or "voids". By the
latter process the volume of the material will increase. The effect of volume

expansion is called "swelling", abbreviated S, and given by

S=AV/IV
(3)

Swelling is dependent on the temperature and the irradiation dose ¢t . Void
swelling is strongly temperature dependent with maximum values in the range

of 500 - 600°C for stainless steel, as can be seen from Fig. 18. The insert

12

o]
T

void swelling rate [Vo/yr]

I I i
0
300 400 500 600 700

temperature (°C}

Fig. 18 Void swelling rate for ® = 22 dpa/yr /7/ (Insert: time dependency of

swelling, schematical)

in Fig. 18 shows the dose dependency schematically. There is an incubation
dose T¢ with an approximately linear dependency. An empirical expression

known from fast breeder technology is /7/

1. e‘(T-Ot)

S(t):R[Otoé-ln(—,l—.—;;?—)] (4)
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RIT)=0.002 exp [0042.1.498p.012282 -0.3324° -0.4418°]  dpa”’

Ts=5(4742-023265+ 2.7174%)  dpa

o« =015 dpa”!

B = (T -5001/100 T in °C

3.1.2 Irradiation creep

A metal subjected to neutron irradiation and non-hydrostatic stresses shows
an effect of ineleastic deformation, the so-called "irradiation creep." Ne-

glecting a correlation between irradiation creep and swelling, the creep law

can be expressed by a power law

o -3 n-1
€. =7 O ot S

(5)

where Sij is the deviatoric and déff an effective stress. The deviatoric
stresses are

2 1
S”=Sx =_3"[dx-7(o,y+dz)]
= =2 -4 .
S,,=8, =210, -1(0, + 0]
= =2 -1 +
533-52-3[0’Z z(dx dy)] (6)
and the effective stress is given by
p 2 e2 4112
deff [?Sij ] (7)

The creep parameters are
n=1 ; C=~15:10° MPg'dpa

for various austenitic stainless steels /8, 9/. In the interesting tempe-

rature range of T < 550°C thermal creep can be neglected.
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The total deformation rate of a volume element can be composed by superposi-
tion of elastic, creep and swell strains. Under conditions of general plane
strain and neglecting the very low stresses in the y-direction, as found in

the FE-calculations (Fig. 11.2), one obtains

[ -1 . _ . . . *_L
£ =z, Mo, l+r€ +5S #flyl

. . - . 1 .

€, s (& -p&) e, « £S #tlxy) (8)

As there are no normal forces, one obtains a system of differential equations

by integrating the total strain rates EX and €, over the height b and the x-

y-cross—section.

b
s, _ _E 3 g &1 L
Sor i l-barpby 5 Se g [ apde e8] 0y
. _ E . » ‘|+}J . 1 : . 1+ b 9
O/z —1'—}1-2[_8(32—)“'8‘:)(- 3 S*F[(Ecz-’.}']gcx*- 3“ S)dx dy] )
F
where
b b for cutting line A-B
b+b,-b, for cutting line C-D (10)

These two differential equations can be solved numerically step by step. To
do this a distribution of neutron irradiation has to be assumed. In the
present investigation it was assumed that only the surface layer should be
affected by neutron radiation and the other parts are totally shaded due to

the breeder material in the inner channels (Fig. 1l).
The calculations were carried out for the state of constant operation. From

Figs. 19 and 20 the complete history of stresses can be understood. Almost

immediately after the start of operation the stress state is given by the
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thermoelastic stresses because the internal pressure in the channels can be
neglected. These stresses relax towards zero due to irradiation creep. After
swelling becomes noticeable compressive stresses are generated in high tempe-
rature regions and tensile stresses in low temperature regions because swel-
ling at high temperatures is higher than swelling at low temperatures. The
compressive stresses near the plasma side become very high because of the
completely prevented bending deformations. In a more realistic elastic-pla-
stic analysis all compressive stresses in the outer region of the wall would
be reduced due to plastic flow if the effective stress exceeded the tempe-
rature dependent yield stress. This effect will be taken into account in a

later study.

3.2 Cyclic stresses in the wall

In most fusion reactors the plasma is heated by direct-current, with the
plasma acting as a secondary winding of a transformer. The magnetic field
varies with constant slope creating a constant current in the plasma. Before
the magnetic field reaches saturation, reactor operation has to be inter-
rupted. Consequently, reactor operation becomes cyclic.

As a consequence of these cycles the thermal stresses change periodically. If
the burn-off times are long enough, the temperature in the whole wall will
become nearly equal to the temperature T, of the coolant medium. Due to this
temperature changes AT = T - To cyclic thermoelastic stresses occur. For
shorter interruptions the assumption of complete temperature balance in the

wall becomes a worst case assumption with respect to crack growth behavior.

3.3 Calculation of stress intensity factors

Cyclic stresses are responsible for crack growth. In welded structures pre-—
existing cracks cannot be excluded because defects can only be detected above
a minimum size. The fracture mechanical loading quantity characterizing the
stress state at the crack tip is the stress—intensity factor K. If a is the
depth of a crack and d(y) the stress distribution in the uncracked wall, the
the stress intensity factor for two-dimensional crack problems is given by

the basic equation

a
K(o)=_[oﬂy)H(ya)dy (11)
0
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where H(y,a) is the so-called weight function. In this report only continuous
cracks (i.e. cracks are as long as the wall) have been taken into account,
because they are the most serious ones. Lifetimes calculated with such cracks
obviously become conservative. This means that more realistic cracks with the
same crack depth, i.e. semi-elliptical cracks, will fail later. In a norma-

lized representation Eq. (11) can be expressed as

K={W [do’(f)hlg,o()df
0

(12)
f=yIW oL=alW W=wall thickness
The weight function of the edge crack given by Biickner /10/ is
hif, o« =]Iz— L [em (1-flc)em, (1-§/ 1)
! et T-Fhe 1 2
(13)
_ 2 6
ml-co+clo( +c20(
- 2 6
mz—d0+d1°< +d,
Co = 0,6147 d0 = 00,2502
cy = 17,1844 d1 = 3,2889
€, = 8,7822 d2 = 70,0444

Equation (13) is valid in the range 0 < o{ < 0.5.
To simplify the calculations the stress distributions for each time step were

4th

expressed by polynomials of the order using Newton's interpolation for-

mula. The distribution is described by the coefficients a, b, ¢, d, e in

d=0+bf+C§2+d§3*9f4 (1)

Replacing g:?ld’ by

o’=a+bo(g+co(292 +do(3g3 +e ot gl‘
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one can write the K-factor

1
K=K I - (0+bo(g+co(292*do(393*eo(" Q*
0

Tem,(1-g)+m, (1-9)
) 1 2 d
VTTE? ¢ Q5)

2 oW

The integration can be made taking into account

= 2nj;k7—(2)('1p_k (16)

The result is

K=A(«;a,b,c.d,e)
(17)

A= 20Mr-—(bMo( -oN)+ > lam, -bNot+cMol?)

w

2 (bm, o ~cNolZsdMol? )

* 35

N ul

56 (cm, ol -dNo¢3+eMa® )

NETE

512 3 4y 2048 3

3 (dm, o~ eN ol )+ 3003meo(
with

M=1+m,+m, N=m;+2m,

Cyclic operation of a fusion reactor causes cyclic thermal stresses. Due to
these stresses a cyclic stress intensity factor AK results from Eq. (11).
Superposition of K-values during constant operation and AK-values due to

thermal cycling gives the complete K-behavior.

4. lifetime

The propagation of cracks in cyclically loaded structures is mainly a conse-
quence cf plastic deformations at the crack tip. These deformations and hence
the crack growth rate are controlled by AK. Other crack growth mechanisms

caused by static load in a corrosive environment shall be excluded. For AK-

controlled crack growth numerous relationships have been developed since
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the early 1960's. Taking into account a threshold AK, below which no
crack growth occurs, and an acceleration of crack growth rate near the cri-
tical stress intensity factor Ki.» @ modified Forman equation proposed by

Speidel /11/ seems to be most effectively adopted. It reads

da _ C, A" [1AK-AK,]1"

dN © 7K - AMAK (18)

where

A=1/(1-R)

and f = E(T{)/E(T) is a correction factor allowing to model the temperature

effect caused by the temperature dependent Young's modulus. T, stands for
room temperature.

R is given by

R=Km|n/K

max

The material constants for stainless steels are taken from Watson /7/ for

room temperature and air as the environment

C, = 3122-10°° micycle

n =29%
K= 150 MPa (T
_ [ 1-031R - 123 R’ R>0
1.88 R<0
5.4(1-
AK, = (1-08R) o R>0
5.4{1-0.2R ) R<0

The wall investigated fails when Kmax reaches the critical stress intensity
factor Ky,+ On account of irradiation embrittlement this Ki. is not a con-

stant, but decreases with the neutron dose. Our calculations were carried out
with an equation quoted in /7/

K. =115 exp(-02561) + 35 exp (-00134 ¢ t)
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Calculated crack growth curves are depicted in Figs. 21 and 22. In Fig. 21

Knax» AK and the minimum values

Kmm:Kmax'AK (19)

are represented for cracks of the initial size a, = O.1 mm at two different
locations. For two points on the cutting line A - B the maximum stress inten-
sity factors Khax are plotted versus the time of operation (Fig. 22). Failure

occurs when the rapidly increasing parts of the curves crosses the KIC—curve.

a
1000 {}
Faut
L
500)
K s
(MP3 Vi) Kna o TITTZTLE.
/___,___————— 2000 time (h)
Kmln
-500]
-1000
3 =01 mm
7777
1000 f
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(MPa V) s s
Kaax
500
K
K 5000 time (h)
-500 -

Fig. 21 Stress intensity factors for two cracks of initial crack size az01mm,

It can be concluded that cracks in the back side of the first wall give
shorter lifetimes compared with cracks of the same size which are situated in
the hottest region.

Figure 23 shows the lifetimes for these cracks as a function of their initial

size.
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5. Comparison between Austenitic and Martensitic Steels

While a lot of data exist for austenitic steel SS 316 only a small data base
is available for the second material proposed for NET-first-wall, the marten-
sitic steel 1.4914. Nevertheless, first rough calculations shall be presen-
ted. Starting with the temperatures and thermo—elastic stresses obtained by
FE~calculations, a treatment similar to that for SS 316 was performed.

The following material properties were used.

I. Irradiation creep

In-pile creep tests can be described by /12/

éc = C o "expl-3eV/kT) [dpa™']

with n=5  C=210°

IT. Swelling

Swelling can be neglected. The maximum values found are § < 0.07%/dpa.

I11. Crack growth behavior

Results from fatigue measurements were not available. But from other marten-—
sitc steels the crack growth behavior can be estimated. Fig. 24 shows fatigue
measurements carried out with various different martensitic steels. In ad-
dition, the crack growth rates for SS 316 represented by the modified Forman
equation, are plotted as solid line. Due to the good agreement with the
results for martensitic steels, we used Eq. (18) for 1.4914 too.

IV. Irradiation embrittlement

The embrittlement due to irradiation seems to be not as important as in case
of SS 316. Nevertheless, in a conservative calculation the same decrease of

KIc with neutron dose was assumed.
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The results obtained for 1.4914 are plotted as dashed lines in Figs. 17, 20,
22 and 23. A comparison shows a distinctly improved lifetime behavior. From
the standpoint of fatigue a superiority of martensitic steel has to be

stated. This result is due to the lower coefficient of expansion and the

higher conductivity.

6. Outlook

In this report preliminary results are presented for a proposed first wall
structure. The aim was to show the general procedure for lifetime calcula-
tions, to demonstrate the principal behavior of plasma faced structures, to
explain the radiation effects and to give a first idea of the expected life-

time. Further refinement of the calculations are necessary, especially:

- improvement of the stress calculations for swelling and irradiation creep

(with FE-program ABAQUS);

- improvement of the fracture mechanics model (incorporation of 2 D-cracks);

- inclusion of crack initiation.
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In addition, other design proposals have to be considered (first wall with
grooves, ceramic tiles).
Finally, it is obvious that better results about the material behavior after

radiation damage are urgently needed.

7. Summary

The treatment of lifetime predictions for the first wall of a fusion reactor

is outlined in case of an actual NET-design:

— The temperature distribution and elastic stresses due to thermal loading
were calculated by FE-methods in generalized plane strain.

— The change of stresses during operation caused by irradiation creep and
swelling was considered.

- Cracks of different initial crack size were assumed to exist in the front
and in the backward parts of the wall.

- Due to cyclic operation of the reactor, cyclic stresses occur in the whole
structure and the cracks can grow.

— Crack extension computations by means of a modified Forman equation allow

to predict the time of failure.

It could be stated:

- Crack extension in the backward structure region is much more serious than
in the front parts.

- A structure made of martensitic steel (1.4914) shows a distinctly improved

lifetime behavior compared with austenitic steel (SS 316).
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DETERMINED BY HIGH TEMPERATURE HELIUM
EMBRITTLEMENT STUDIES
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Kernforschungsanlage Jiillich GmbH,
Jilich, Federal Republic of Germany

Abstract

The influence of helium on the creep properties, i.e. life-
time, ductility and strain rate, have been investigated for some
austenitic stainless steels with variations of many parameters
such as stress, temperature, helium implantation rate, implan-
ted helium concentration, test mode etc. These experiments were
accompanied by a) extensive electron microscope studies in order
to establish correlations between the creep data and the fracture
behaviour (SEM) and the (helium bubble) microstructure (TEM) and
b) theoretical modelling in order to interprete the experimental
results and "understand” the basic mechanisms of the helium em-
brittlement. All these efforts resulted in a qualitative map of
lifetime controlling mechanisms for creep rupture in austenitic

stainless steels.

1. Introduction

The detrimental effect of helium on the mechanical proper-
ties of reactor materials has been recognized long time ago and
has been studied in the materials programs for fast reactors. He-
lium effects, in general, /1/ and helium embrittlement, in par-
ticular, are of much more interest in the fusion reactor materials
research because of the much higher generation rates of helium via
(n, o) nuclear reactions in the harder fusion neutron spectrum, com-—
pared to a fast reactor environment. For example, the helium to dpa
ratio for austenitic stainless steel is about 10-15 appm He/dpa in
a fusion reactor which leads to about 155 appm He/MWy/m2 in AISI
316SS. The corresponding numbers for a fast reactor (such as EBRII)

are 0.2 - 0.3 appm He/dpa and 10 appm He/y.

Because of the lack of an intense, high energy neutron source,
it is very time consuming and expensive to simulate expected high

51



helium levels (up to end-of-life concentrations) with the existing
fission reactors. This is different if one simulates the helium ge-
neration by homogeneous a-particle implantation at a cyclotron (with
rates up to several hundred appm helium per hour). The energy of

the o -beam should. be large enough to penetrate foils thick enough

to perform mechanical tests representing bulk properties.

Such a method has been used to investigate the influence of im-
planted helium on the creep properties of austenitic steels. The
results will be reported in the form of an extended summary be-
cause they have already been published in very detail /2-6/ and
also been described in a very recent review /7/ and some confe-

rence papers /8,9/.

2. Experimental

The creep rupture tests have been performed on 100 pm thick
foil tensile specimens in vacuum for post—-implantation tests
and in ultra-pure helium atmosphere for "in-beam" tests. The
creep properties, i.e. creep rate €, rupture strain €R and
creep lifetime ta have been determined for a wide set of pa-

rameters such as

a) test mode: "in-beam" test (i.e. creep rupture test during
helium implantation) and post-implantation tests (Timpl =
T )
test
b) tensile stress ¢g: 0-300 MPa

4

¢) helium implantation rate éHe: g-10"% - 31072 appm He/s

d) helium concentration et 0-2500 appm He

e) implantation and test temperature T: 973 K - 1073 K

f) microstructure: by using different austenitic steels the
microstructure was varied: (i) AISI 316 L, solution annealed
and aged 24 h at 1073 K; this treatment resulted in a clean,
dislocation and precipitation free matrix and only large dgrain
boundary precipitates of the type M23C6' (ii) DIN 1.4870, so-
lution annealed, 13 % cold worked and aged 24 h at 1073 K;
this treatment resulted in a fine dispersion of TiC particles
(#~5 nm) in the matrix, mostly nucleated at dislocations and
somewhat coarser TiC particles and other carbides (M23C6) in
the grain boundaries. As the 1,4970 steel is dispersion har-

dened, it is much stronger than the 316 under same conditions.
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After the creep tests many of the specimens have been checked
for type of fracture and cracks in the scanning electron mi-
croscope (SEM). All the helium containing specimens have been
investigated in the transmission electron microscope (TEM) to
determine the helium bubble microstructure in different micro-
structural regions such as matrix, grain boundariés, precipitate
interfaces. The bubbles have been characterized by density ¢ and

average radius r.

3. Results

The main results of the creep rupture test in both austeni-

tic steels are:

(i) All samples containing helium show helium embrittlement,
i.e. compared to helium free control specimen they show re-
duced rupture times, reduced rupture strains, transition from

transgranular to intergranular fracture.

(ii) The degree of embrittlement is dependent on all in sec-

tion 2 mentioned parameters:

a) The most pronounced differences were observed in the dif-
ferent test "modes": For example, the time to rupture, t_,
as a function of stress, o, was much less stress dependent
in "in-beam" experiments than in post-implantation tests:
Using a power law tR<xo—n, "in-beam"” test could be descri-
bed by n = 3.,..4, while post-implantation testsshowed high
stress dependence, n = 8-12, similar to the helium free con-
trols. The lower stress dependence in the case of "in-beam"
tests resulted in increasing reductions of rupture times,
t

and rupture strains, € with decreasing stress, o,

' ’
cgmpared to the post—implaitation and the control cases,
respectively. However, one should remember that decrea-
sing stress in a "in-beam” test means increasing rupture
time, i.e. increasing helium content (at a fixed implanta-
tion rate, in most cases 3~10_2 appm He/s) while the post-
implantation tests were done at constant helium concentra-

tion (100 appm He).



b) In post-implantation experiments the creep properties were

drastically reduced above a critical helium concentration.

¢) In post-implantation tests the helium embrittlement increa-

sed with decreasing implantation rate.

d) The degree of embrittlement was higher in the (clean) AISI
316 than in the (dispersion hardened) DIN 1.4970.

Very detailed investigations on the helium bubble micro-
structure have been performed for the AISI 316 SS because these
studies are much easier to do in such a "single" microstructure
compared to the heterogeneous microstructure of the DIN 1.4970 SS.
Although the grain boundary bubbles are believed to induce the
observed embrittlement and hence are most important also the ma-
trix bubbles have been studied because they may have large in-
fluence on the growth properties of the grain boundary bubbles,
e.g. if they act as sinks for the diffusing helium atoms, they
control the flux of helium atoms into the boundaries. Consequent-
ly, the bubble sizes and densities have been determined in all
different microstructural regions, namely matrix, grain boundary,

coherent and incoherent (grain boundary) precipitate interfaces.

The most important results of the TEM work and correlations of

the bubble microstructure to the creep properties are summarized:

a) Although bubble sizes and densities in the different micro-
structural regions can be quite different, the dependencies
on the test parameter are generally similar, i.e. plotting
bubble sizes and densities as a function of any test para-
meter one gets nearly parallel curves for the different re-
gions. From that one may conclude that in all regions similar
nucleation and growth mechanisms of the helium bubbles are

working.

b) After stress free high temperature helium implantation, in
general, the bubble sizes are largest in the matrix, followed
by grain boundary bubbles in precipitate free regions. The
smallest are those at grain boundary precipitate interfaces.

The number densities show the opposite sequence.
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c)

a)

e)

The bubble microstructure after implantation without stress
represents the starting microstructure for all post-implanta-
tion tests. The following implantation parameters have been

changed:

(i) Implantation temperature: increasing temperature re-—

sults in increasing bubble sizes, but lower densities.

{ii) Implantation rate: decreasing rate results in in-

creasing sizes, but lower densities.

(iii) Implantation time (helium concentration): bubble
radii increase with concentration, while bubble densities

are independent (or slightly decreasing) on concentration.

The general effect is: The coarser the bubble microstruc-
ture (i.e. larger size, lower density) the higher is the
detrimental helium effect on the post-implantation creep

tests under otherwise identical conditions.

For "in-beam" test, i.e. high temperature implantation
under stress, the correlations between bubble microstruc-
ture and creep properties were less straightforward because

of three reasons:

(i) the parameters stress, lifetime and helium concentra-

tion are not independent on each other;

(ii) the creep strain and hence the dislocation movement
seem to influence the bubble microstructure at least in
the primary creep stage, in which the strain rates are

quite high in this solution annealed material.

(iii) At fracture the bubble microstructure, especially

in the grain boundaries, is very inhomogeneous, because
some bubbles underwent catastrophical growth creating
cracks and inducing fracture, other bubbles did not.

So, the TEM results depend strongly on the additional
external parameters such as angle between stress direc-
tion and grain boundary normal, shape of the grain boun-
dary such as serrated (stress concentrations !) or straight,

etc.
Nevertheless some "trends" have been observed:

(i) After fracture the bubble radii are larger at lower
stresses, which is not surprising because lower stress in-

volves larger (life-) time at high temperatures and higher
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helium concentration. The bubble densities are smaller at
lower stresses (as expected from the larger radii), but the
variations are quite small. To uncouple influence of stress,
test time and helium concentration two additional TEM series
have been studied taking "snapshots" during (uncompleted)

"in—-beam" tests.

(ii) After 1 hour test time, i.e. constant helium concen-
tration, at different stresses (and different strains !}:
The higher the stress (and strain) the smaller the matrix
bubbles and the larger the matrix bubble density. The grain
boundary bubbles showed similar trends but less dependence

on stress.

(iii) At constant stress after different creep test times

(i.e. also different strains and different helium concentra-
tion): During the primary creep stage the radii were prac-
tically independent on stress while the densities increased
monotonically, indicating continuous nucleation. The oppo-
site behaviour was observed in the stress free case (see
3.B.c.(iii)). In the steady state creep regime up to frac-
ture the behaviour changed to that of the stress free case:
Increasing radii and decreasing densities with increasing time

and helium concentration.

4. Lifetime controlling mechanisms

The lifetime of a creep sample tested at high temperature
under helium generating conditions (i.e. in-reactor or "in-
beam” thermal creep test) may be divided into several periods
which may be characterized in correlation to the nucleation and
growth of helium-vacancy clusters or bubbles in grain boundaries,
In close connection to the experimental data collection described
in the previous sections Trinkaus /9/ has suggested the following
time periods: a) Establishment of quasi-stationary point defect

concentration; during this incubation time, t no significant

)
helium-point defect clustering will occur; b)lgglium bubble nuc-
leation time, tyr during which stable helium-vacancy clusters are
created which act as nuclei for the helium bubbles; c¢) stable gas
driven growth period, tyubble’ during this time existing small

bubbles grow in a stable manner by collecting the newly generated
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or implanted helium; d) cavity growth period, tcavity; growth due

to collection of vacancies in the case of vacancy supersaturation
induced by stress and/or irradiation; e) crack growth period,

tcrack'
time, t

induced by linking up of cavities. Hence the rupture
g’ can be written as a sum of all these periods,

tr Cine T &0 7 tbubble * tcavity * terack
If one of these periods dominates, it determines the rupture
time. This is of course dependent on all the parameters listed
in section 2. Trinkaus has pointed out /9/, that under high tem-
perature implantation conditions (i.e. high helium and point de-
fect generation rates) the rupture time is probably dominated by
gas driven bubble growth after very short incubation and nuclea-
tion periods. Because of the high vacancy supersaturation due to
stress and implantation also the cavity and crack growth periods
(which takes place after the bubble-to-cavity (void)-transition,
depending on critical parameters) should be short. One indication
of the gas driven growth mechanism is the stress dependence of the
rupture time, kg © o . The exponent n theoretically is close to
3 for gas driven growth, while the "in-beam" experiments in both
austenitic steels yield 3-4. Another indication that the gas dri-
ven growth mechanism is working under the given conditions of high
temperature implantation (with or without stress) is the verifi-
cation of a critical parameter for the bubble-void transition,
ch; N is the number of helium bubbles, which also can be trans-
formed into the bubble radius using the appropriate gas law; ¢ is
the tensile stress. In addition the critical bubble radius was
determined by TEM and agreed quite well with theoretical predic-
tions /6/.

Trinkaus /9/ has also computed the other times and their depen-
dencies on the external parameters. As the helium generation rate
using a—-particle implantation is much too high compared with the
rates expected in fusion technology or with the operating high flux
fission reactors it would be interesting how to extrapolate the si-
mulation data obtained at a cyclotron. Or in other words: Do the
mechanisms of helium induced embrittlement change if one changes
important parameters such as helium generation rate orders of mag-

nitude?
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Trinkaus /9/ developed a mechanism map for helium embrittlement

in AISI 316 SS for the parameter set helium generation rate/stress,

using the creep rupture data described in this paper. It turned

out that a) one has indeed to be careful to extrapolate over or-

ders of magnitude and b) that the gas driven growth mechanism is

only one possibility of helium effects on creep properties, which

is realized only in a certain section of the multi-parameter space.
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THERMAL SHOCK EFFECTS ON TYPE 316L
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Abstract

Under abnormal conditions magnetically confined plasma can
disrupt and hit the first wall. The unshielded structural alloy of
the wall will then partially melt, evaporate and show crack initia-
tion and propagation by the imposed high thermal stresses., Depending
on the frequency and location of occurrence, the life-time of the
first wall will be affected.

The present work gives the results of thermal shock effects on
the surface of plate from the 316L European reference heat and
V-1Cr-0.1Ti alloy. Thermal shocks were generated by a laser beam with
energy pulses of 20 J. Pulse length, frequency and number were varied
Wwith energy densities in the range of 2 MJ.m—2 to 10 MJ.m~2 per
pulse, which is the range expected for plasma disruptions. With in-
creasing number of pulses both steel and V increasingly evaporate.
Short pulse durations promote evaporation. In and underneath melt
layers intergranular cracks develop.

Additionally fatigue specimens of Type 316 were exposed to
laser pulses, simulating plasma disruption. Subsequently, fatigue
tests have been performed. Strain ranges and frequencies are varied

and the effects on cyclic life are discussed,

1. INTRODUCTION

The first generation of TOKAMAK-type fusion reactors will be operated
discontinuously. Plasma burn times in the range of 100 to 1000 s are
foreseen in the NET-design. Considering the heat loads and the number
of plasma burns in its lifetime (about 10°®) the first wall of NET
will be subjected to high cycle fatigue loads. Additionally the
structural material is exposed to high fluxes of 14 MeV neutrons,
resulting for NET in 30 dpa end of life,

It is expected that during its life-time a TOKAMAK-type reactor

first wall will suffer from several thousands of plasma disruptions,
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Under such abnormal conditions the plasma hits the wall resulting in
2 to0 10 MJ.m 2. The unshielded

structural alloy of the wall will then partially melt, evaporate and

heat loads in the range from 2 MJ.m

redeposit itself. These phenomena can cause crack initiation from the
very high thermal stresses imposed during such abnormal transients.
Normal operation with its high cycle fatigue nature will promote
propagation of the cracks formed during disruption.

Quataert [1] presented a study of thermal shocks, generated by
electron beams, on a wide variety of materials. The study describes
the observed mass transport and cracks initiations in detail. Similar
work by Brossa [2] demonstrates the benificial effect of ceramic
surface coatings.

The present study describes the use of laser beams for the pro-
duction of thermal shocks in a vanadium base alloy and the European
Reference Heat of Type 316 steel, aimed at assessing disruption ef-
fects. The thermal shock effects are described. Further some fatigue
properties of shock—-affected specimens have been determined. The
consequences of plasma disruptions for life-time predictions are

discussed.

2. PROCEDURE

2.1. Material and specimens

The austenitic stainless steel Type 316 used for this study is the
European Reference Heat. The tensile, fatigue and creep properties
have been reported by Van der Schaaf [3]. For the primary study of
laser energy deposition on the steel blocks of 9 x 20 x 90 mm were
used. One surface of 20 x 90 mm has been ground before exposure to
laser flashes.

An hourglass shaped low cycle fatigue specimen, with a minimum
diameter of 8.8 mm, was used for elevated temperature testing under
strain control, Fig. 1.

The specimens were exposed to laser flashes prior to fatigue
testing.

From the vanadium base alloy, V-1Cr-0.1Ti, plates of 3 x 12 x
100 mm were exposed to laser light in the primary study. The sur-
face was in the cold-rolled condition. Additionally lead, aluminium
and copper have been used to study the laser energy deposition/
reflection ratio. These materials were pure: the impurity contents

are below 0.5 wt.%.
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Fig. 1. Low cycle fatigue specimen.

2.2. Laser beam facility

A Nd-YAG solid laser was applied for the generation of thermal
shocks, with multimode, unpolarized light rays of 1.06 pm wave-
length. The pulse form is approximately rectangular; the pulse length
can be chosen in the range from 0.2 to 20 ms; the maximum pulse ener-
gy is 70 J. The pulse performance amounts to about 20 J in order to
keep a reasonable lamp life.

Laser parameters and object table are both under CNC-control and
30 is the focus distance. The objects to be thermally shocked are
positioned in an inert gas stream: flow from 1.5-2.5 l.min_1. Cylin-
drical specimens are rotated under the laser beam in an independent

fixture to assure the right location for the laser flash.

2.3. Fatigue testing

All fatigue testing was performed in a servo-mechanical machine which
allows a maximum frequency of 2 Hz. The hourglass specimens were sub-
jected to strain controlled low cycle fatigue at a temperature of 700
K. The total strain range was in the interval from 0.4 to 1.0%. The
failure criterion in this investigation is the reduction of the cy-
clic tensile stress to half that of the saturation stress. The fre-
quency of the 700 K tests was in the range from 0.02 Hz to 0.05 Hz

(strain rate 10_3 s—1). The R-ratio amounts to -1: fully push-pull.
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3. RESULTS

3.1. Energy deposition efficiency

The energy produced in the focus area of the laser beam is known to
an accuracy of about 10%. It is difficult to measure the amount of
energy reflected by the illuminated surface, it highly depends on the
surface conditions.

From comparisons of metallography and two-dimensional calcula-
tions we estimate the absorbed energy for stainless steel and vana-
dium alloy being about 40% of the incident beam energy. The optical
metallography comprised sections perpendicular to the melt layer to
measure the profile of the layer boundary. The diameters of the melt
layers were determined with scanning electron microscopy. Details of
this analysis will be given in a forthcoming paper.

The accurate determination of the laser beam efficiency and also
the determination of the energy distribution across the affected
area, necessary for the direct comparison with plasma disruption heat
fluxes, will require more experimental work.

The diameter of the laser beam affected area is in the range
from 1 to 2 mm depending on material and beam conditions. The range
of beam and power parameters allows variation from no effect up to
the production of holes, even in vanadium base alloys, after 100 la-
ser pulses by metal evaporation. The reproducibility of laser flash
damage in stainless steel is good when alignment of lamp lenses and
object tables are under close control. The argon flow is necessary to
avoid oxidation of the illuminated material but this flow also cools
the surface. All materials have been subjected to the same gas flow
of 1.4 1/min., but the effects might be different because of the dif-

ference in heat conductivity of the objects.

3.2. Energy deposition variation effects

The investigations have been limited to two pulse lengths: 2 and 20
ms. Four sets of pulse numbers have been applied 1, 10, 100 and
1000. The focus location was varied in steps of 5 mm in the range
from O to 15 mm, Only pulses of 20 J were used.

The following tendencies have been observed for both vanadium
and type 316 austenitic steel.

- With a pulse length of 2 ms after 100 and 1000 pulses holes were

62



observed in steel at least 4 mm in depth. Even after ten pulses
penetration was observed down to 0.5 mm,

- With a pulse length of 20 ms the drilling phenomenon was observed
after 100 and 1000 shots in steel, but to limited depth. In vana-
dium limited melting occurs after 100 pulses, after 1 and 10 pulses
no melting has been observed. Austenitic steel shows melt layers
after 1,10 and 100 pulses with thicknesses in the range from 0-L400
um depending on the focus condition. With increasing focus distance
the thickness of the melt layer decreases,

- After 1 or 10 pulses, out-of-focus, only evaporation was observed
in stainless steel, while vanadium is unaffected.

Figure 2 shows a scanning electron micrograph of Type 316 steel
subjected to 10 pulses of 20 J (20 ms duration) in focussed beam con-

dition. The cracks caused by the solidification are clearly visible,

1643 20KV %40 100vm HD32

Fig. 2. Scanning electron micrograph of austenitic steel after 10

pulses of 20 J in focussed laser beam condition.

In Fig. 3 a metallographic section (in two magnifications) is shown
of a melt layer in austenitic steel. The crack in the melt layer does
not extend into the base metal. However, from the higher magnifica-
tion it is clear that the grain boundaries are affected by the ther-

mal shocks. In vanadium, Fig. 4, cracks cannot be observed in the
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Fig. 3A. Metallographic section of a laser beam induced melt layer

including an interdendritic crack in stainless steel.

Fig. 3B. Magnification of the fusion zone: the boundary between melt

layer and base metal. The grain boundary is heat-affected.
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Fig. 4. Metallographic section of vanadium with a laser beam induced

melt layer and associated microcracks: 100 pulses, 2 ms pulse

duration, in focus.
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melt layer, but have formed solely in the heat-affected zone under

severe illumination condition: 100 pulses, 2 ms pulse duration.

3.3. Fatigue properties of thermally shocked 316 L austenitic steel

A limited number of low cycle fatigue specimens shown in Fig. 1 have
been exposed to two laser beam conditions: 5 mm and 10 mm out of
focus respectively (pulse length: 20 ms, pulse energy 20 J, number of
pulses: 10). At the thinnest section 6 such spots with 60° difference
in rotation were produced. Each individual spot has a diameter of
about 1.2 mm. The melt layers have a thickness of 200 uym and 100 um
respectively, representing absorbed energy densities of U4 MJ.m"2 and
2.5 MJ.m—2 respectively [4]. In the first case cracks are observed in
the melt layer, but grain boundaries in a metallographic section are
decorated.

The specimens were subjected to low cycle fatigue at 700 K
with total strain ranges of 0.4%, 0.6% and 1.0%, with a strain rate
of 10_3 s—1 (triangular wave form R = -1). In Fig. 5 the number of
cycles measured for thermal shocked steel can be compared with fa-

tigue properties of virgin material under identical test conditions.
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Fig. 5. The total strain range versus the number of cycles to failure

of thermally shocked and virgin Type 316 austenitic steel.

It can be concluded that with decreasing total strain amplitude the
effect of melt layers on fatigue endurance increases. With decreasing
total strain amplitude the high cycle fatigue mechanism grows in
importance. The crack initiation phase becomes fatigue life control-

ling. The presence of cracks in melt layers or weakened grain bounda-
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Fig. 6A. Fractography of a fatigue crack initiated fron only one melt

layer in stainless steel.

Fig. 6B. Fractography of a fatigue crack with multiple initiation melt
layers.

Fig. 7. Detail of an initiating melt layer with intergranular cracks

in the heat-affected zone of stainless steel.



ries in the heat-affected zone reduces the duration of the initiation
phase considerably. This is evident from fractography of the fatigue
specimens, In Fig. 6A the main fatigue crack orginates from one spot.
In Fig. 6B two initiation spots contribute to the main fatigue crack
growth. The importance of the weakness of grain boundaries for fa-
tigue crack initiation is shown in Fig. 7 en Fig. 8. Figure 7 shows
intergranular failure in the parent metal underneath the interden-
dritic failure of the melt layer. In Fig. 8 a detail of the fusion
zone, the melt layer-base metal boundary, shows clearly the inter-

granular failure in the heat-affected zone.

Fig. 8. Fractography of the fusion zone between a melt layer and the

intergranularly fractured heat-affected zone underneath.

4. DISCUSSION

4,1, Laser beams for plasma disruption simulations

In principle laser beam facilities are suitable for simulating plasma
disruption. Pulse duration, energy flux and number of pulses can be
performed in a sufficiently wide range of parameters. Improvement of
efficiency determination is required in the near future (reflection

and heat transport by shield gas and metal vapour are to be measured
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independently). Also the energy distribution in the illuminated sur-
face should be obtained in detail.

Our present results concerning melt layers and cracks on Type
316 austenitic steel are very similar to those reported by Quataert,
who used an electron beam welder for simulation. The efficiency and
distribution measurements of electron beam energy fluxes into the

exposed material also poses some problems.

4,2, Differences between Type 316 steel and vanadium

Melt layers and cracks develop in vanadium after more intense pulses
than in austenitic stainless steel. Otherwise there is only a gradual
difference between the two alloys. Assuming an equal efficiency of
the laser beam for steel and vanadium leads to the conclusion that
vanadium starts suffering from disruption under NET first wall condi-
tions after at least 10 times as many disruptions as for steel.

The starter cracks in the vanadium originate from the same area
as in steel: in the heat-affected zone underneath the melt layer.
This in accordance with results from creep fatigue testing Type 304

austenitic steel weldments [5].

4.3, Plasma disruptions and first wall life-time prediction

The experimental results of Quataert [1], calculations by Klippel [4]
and the present experimental results indicate that first walls need a
coating to reduce peak heat loads. The high heat fluxes cause evapo—
ration and melting of the structural alloy, but even more threaten-
ing to the life of the first wall is the formation of cracks in the
heat-affected zone which form in both vanadium and steel. Since the
initiation phase is fatigue life controlling under first wall condi-
tions, these cracks under melt layers have a large influence (factors
of 10) on the life-time,

Most future effort on reducing disruption effects should be
devoted to coatings on first walls. The coating should not only pre-
vent melting, but in the case of austenitic steel, it should also
limit the intergranular structural damage. In this way intergranular
fracture under low cycle fatigue conditions should be suppressed. On
the other hand it is necessary to measure crack growth rates of the
particular alloys in order to assess the resistance against growth of

small cracks eventually developing under coatings.

68



For the use of experimental data of disruption simulations, a
more accurate figure is required for both laser and electron beam
efficiency. The uncertainties at present are too high for life time

evaluations.

5. CONCLUSION

Laser beam welding equipment provides parameter ranges quite suitable
for disruption simulation work. The differences between Type 316 and
vanadium alloys are only quantitative. Both suffer from cracks under
melt layers, but vanadium shows this after a factor of 10 more ther-
mal shocks. The reduction in low cycle fatigue 1life of thermally
shocked Type 316 austenitic steel is considerable. For the low strain
amplitudes, where initiation controls fatigue life, the reduction in
number of cycles to fallure can be ten or more.

Future experimental work should be aimed at the creation of
ceramic layers, which shall prevent both melting and crack formation
in heat-affected zones. Nevertheless study of crack growth properties

is required to determine the threshold stress intensity values.
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Abstract

Materials in the first wall and blanket structure of a fusion reactor
are 1likely to experience a highly destructive enviroment combining
radiation damage, high temperature and cyclic stressing. A new
facility is wunder installation that will combine the equivalent
conditions. Its use will allow the microstructural and mechanical
effects to be evaluated.

1 INTRODUCTION

Plasma burning with periodic refueling in fusion reactors will produce
temperature and thermal stress cycling. The cyclic stress in the
first wall structural material is 1likely to be reversing in the
tension-compression sense. The stress in divertor plates of tungsten
bonded to copper, on the other hand, is likely to be more complex:
tension-tension in the low thermal expansion tungsten and
compression-compression in the copper. The response of metals to such
mechanical 1loading is inevitible: either 1low cycle fatigue (LCF)
crack growth or cyclic creep crack growth will terminate in component
failure. It is necessary to know if the service life that is desired
is longer or shorter than the LCF or creep rupture life, whichever is
shorter.

These two processes are quite different, however: LCF involves the
propogation of transgranular cracks driven by the stress intensity.
Little direct thermal assisstance is involved in the deformation
processes at the tip of the growing crack. Each cycle of stress
advances the crack. In contrast, thermal creep involves the time
dependent growth of intercrystalline cracks driven by sustained
stressing that is thermally assisted. A deformation map could be
determined experimentally: it would define regions in the stress,
temperature and hold time space where LCF or creep dominate. It would
be used as a design aid in life time prediction.

Radiation damage will occur at the same time as the competing
deformation processes, and interact with them. The radiation damage
by the fusion reactor neutron spectra will include production of high
energy displacement cascades, hydrogen, helium and metallic impurity
production. Lattice defect mobility will 1lead to helium bubble
formation, bubble and void swelling, phase separation, and radiation
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hardening through dislocation loop formation and radiation produced
"alloying".

Theory alone can not hope to predict whether failure would be
dominated by fatigue processes, creep processes, or by warpage and
distortion due to gradients in neutron flux. Experiments combining
radiation damage, elevated temperature and stress cycling must guide
lifetime prediction model development.

One installation designed to combine the relevent enviromental
conditions is the PIREX II facility at the Swiss Institute for Nuclear
Research (SIN) proton accelerator. Its use will allow simultaneous
irradiation and cyclic stressing at controlled elevated temperatures
of metals or alloys of importance to fusion reactor first walls and
divertors. In addition to in-situ testing, post irradiation
mechanical testing will allow the evaluation of brittle ductile
transition temperature increases vwhich will be important to machine
maintenance and service.

2 CALCULATIONS

Calculations of the radiation damage effects produced by 600 MeV
protons have already been reported (1), for many materials. The
collision of a 600 MeV proton with a target atom is calculated using
the intranuclear cascade-evaporation model. The collision time is so
short that the incident proton does not interact with the nucleus as a
whole, but with the individual protons and neutrons in the nucleus.
These collisions usually lead to one or more energetic particles
escaping the nucleus. The nucleus is left in a highly excited state
and enters the evaporation phase, where neutrons and light nuclei are
emitted. These processes are calculated using high energy nuclear
transport codes which use the Monte Carlo technique.

The energy of the residual nucleus is partly dissipated as heat and
partly by high energy collisions with atoms in the host lattice.
These are the source of atomic displacement cascades similiar to those
that would be induced by the neutron flux in the first wall, divertor,
and blanket structure of a fusion reactor. The LSS theory is used to
calculate the damage efficiency and the resulting damage energy for
each nucleus produced in the previous calculations. These values are
then combined with the production cross sections to produce the damage
energy cross section for the target material. A modified
Kinchin-Pease model can then be used to relate the displacements per
atom site (dpa) to the proton fluence.

This spallation process is the source of He and H gas and metallic
impurities that would be produced via nonelastic reactions in the
fusion spectra. Spallation reactions induced by 600 MeV protons are



produced homogenously in bulk material as the range is long and the
energy loss rate of 600 MeV protons is so low.

characteristics of 600 MeV proton irradiation

irradiated in the PIREX II program.

TABLE 1: MEDIUM ENERGY PROTON

[RRADIATION CHARACTERISTICS

TABLE 1 shows the

to materials to be

MaTeRIAL H AL Cu 1.4914
Cr STeEL
AVERAGE DAMAGE (KEV) 660 110 323 284
Damace ENERGY CROSS SECTION (B-KEV) 1530 52 337 272
Damace RATE® (x 10 ppa/sec) 1.7 31 1.12 .68
HeLtum / ppPa 80 143 29 45
600 MeV prOTON RANGE (M) 145 72 25 .27
Power DENSITY (W/G) 560 817 711 755
*Av 4 uA/MM2
TABLE 2: CALCULATED IMPURITY PRODUCTION
IN IRON BY 600 MEV PROTONS
( APPM / DPA)
AFTER Decay SOLUBLE
IMPURTTY As ProDUCED  OF ?28¥£pE§VED N [RON ?
HN 70 60 Yes
Cr 45 55 YES
) 30 30 YES
Ti 25 28 Yes
Co 2.5 1.4 Yes
Sc 16 10 ? BEHAVES AS
RARE EARTH
S 7 7 FoRMS FES
p 5 4 Yes *
CL 7 b SHOULD FORM
IRON CHLORIDE
Ar 12 12 MAY FORM
BUBBLES
He 40-170 40-170 FORMS BUBBLES
H 840 840 DIFFUSES OUT

OF BULK

* Maximum accowaste 1N CR Steers - 600 apem
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The results of the Monte Carlo calculations are also used to predict
the activity level in the targets during and after irradiation using
an isotope generation and depletion code. Table 2 shows the
spallation impurities that will be produced in Fe by 600 MeV proton
irradiation, and those remaining after the radioactive decay of the
short lives species.

3 PIREX I

A prototype facility, PIREX I, has been operated by the Swiss Federal
Reactor Institute, EIR, at SIN since early 1980; a series of
publications (2-12) resulted. The proton beam of the SIN accelerator
was used to irradiate thin Al targets. These parasitic irradiations
were restricted to thin Al as the samples spread the beam and there
was no provision for remote handling, which would be required for most
other materials. The microstructural studies concluded that a
dominate feature was a distribution of pressurized He bubbles, that
were uniformly distributed throughout the microstructure, but were
often larger and or more numerous on the grain boundaries and along
dislocations. Bubble strengthening, and grain boundary embrittlement
were expected.

Tensile testing of a series of proton irradiated samples was recently
completed (13) which showed that there was an increment of radiation
hardening that was actually greater than hardening produced by the
bubbles. The dominant increment of hardening was proportional to the
fluence or dose. The bubble density was established early in the
irradiations and the average bubble size only grew slowly with
increasing dose. The hardening effect of the impurities produced by
the spallation reactions was simulated by making alloys containing the
same elements as those produced by the irradiation. The solid
solution hardening was measured and found to be much less than the
dominant hardening increment. It 1is believed that irradiation
produced impurities must interact with displacement cascades as they
are produced. The resulting hardening effect would be proportional to
the fluence in the way observed. These results demonstrate the need
for experimental mechanical test data on material irradiated to a
damage state equivalent to that of fusion reactor components.

4 DOSIMETRY

The production cross sections for Na-22, Na-24, and Be-7 have been
established (14,15) for Al irradiated with 600 and 800 MeV protons.
An irradiation of a set of seven materials of interest in the PIREX
program is in progress at the present time . Each material has a
companion Al foil for proton dosimetry. This bombardment is in the
LAMPF proton accelerator in the USA where the spatial gradient of
proton flux is so small that the flux can be considered constant



across the diameter of the dosimetry discs. Subsequent radiochemical
evaluations of the resulting decay schemes for the various materials
will allow us to choose reactions that are convient for dosimetry from
the standpoints of half life and gamma energy.

As in earlier work in the PIREX I program, gamma scan counting through
a collimator can be used to map the induced activities as a function
of position. The stage translates, in steps, the irradiated sample
across the collimator during the counting and thereby maps the
intensity of the activation. The proton fluence is mapped.

Helium analysis is also used where the helium is measured with a mass
spectrograph when a sample of the irradiated material is melted. The
irradiation in progress at LAMPF includes samples for helium analysis
so that cross sections determined by experiment can be compared to the
cross sections derived from the HETC calculation.

5 PIREX II

The PIREX II proton irradiation facility is being installed in its own
dedicated beam line of the SIN accelerator, Fig. 1. It incorporates
beam optics to control the position, size, shape, and therefore the
current density of the proton beam bombarding the sample or target
under irradiation. Profile monitors are used to measure the position
and size of the beam during an irradiation. A beam stop immediately
behind the target station allows the beam spreading to be tolerated

Figure 1: PIREX II Beam line
1. Focusing magnet

Focusing magnet
Profile monitor

2. Steering magnet
3. Irradiation head
4. Degrader

5. Collimator

6.

7.

Floor of crane hall
% shielding
'._
<
e
w
—
w
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without interfering with other experiments. Local shielding, and
provision for remote handling will allow safe handling of irradiated
materials, Fig. 2.
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Figure 2: Irradiation head exchange system.

The temperature of the material under irradiation can be controlled
between 110 C and 500 C using the system described below. The stress
acting on the material under irradiation can be controlled using an
electromechanical loading system, and the deformation determined by a
measuring system based on linear variable differential system (LVDT),
Fig. 3.

5.1 Temperature Control

He gas, at a controlled temperature, will flow over the sample in the
beam and extract the heating effect of the beam, Fig. 4. The energy
lost by 600 MeV protons in He gas is insignificant. The temperature
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Figure 4: The sample, He cooling gas, cooling tube arrangement.

of the flowing gas will be regulated with an electrical heater of 9 kW
and a counterflow heat recuperator of 29 k¥ that cools the gas that
exits the target structure. The heat input to the sample by the beam
depends on the target material and dimensions, and the current, but
will always be less than 100 W.
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The mass flow rate of He gas is controllable between 5 and 15 g per s;
the gas pressure is controllable between 11 and 51 bars. The gas
velocity will be 80 m per s, or less. Problems with turbulent flow
would develop if the gas velocity exceeded about 1/10 the sonic
velocity, i.e., about 110 m per s. The gas temperature will only rise
a few degrees as it extracts the heat deposited in the target
structure. The temperature of the gas will stabilize in about 1/2 h.
The system is capable of extracting approximately 150 W per cm:Z, and
controlling the irradiation temperature to any desired wvalue between
150 and 550 C.

Simulation experiments are wused to model the target and He gas
temperature conditions, using electron beam heating to simulate the
proton beam heating, and flowing air or He to provide the cooling.

Temperatures are measured by thermocouples in the simulation
experiment.

The He gas system incorporates the largest gas purifier commercially
available. At full flow, only one third of the circulating He gas can
be processed, but at lower flow rates, all the gas can undergo
continuous purification. The impurities remaining in the gas at the
exit of the purifier will be 1 ppm by volume for each of the
significant impurities. The impurities will build up in the He gas
over a several hour period.

5.2 Target Structure

The proton target includes the cooling tube and the sample. The
sample is either a flat strip tensile specimen or a hollow, thin
walled tube LCF test sample cooled on its outside. The thickness of
the wall of the LCF sample can be 0.5 mm for a 1.4914 Cr steel
sample, or 0.25 mmn for a W or W—Re sample.

The cooling tube is heated by the beam around only part of its
circumference. This will produce a temperature gradient and therefore
a thermal stress gradient. The pressurized gas inside the tube is Hot
balanced by an equal outside pressure, so hoop stresses will be
present. The combined stress will be a function of the wall thickness
and will be a minimium when the wall is 0.07 mm thick. The stress in
Inconel X-750 will be slightly less than 1/2 of its yield stress at
the irradiation temperature.

5.3 In-Situ Stressing

An electromechanical drive from a compact commercial LCF testing
machine has been modified to fit the irradiation head structure in a
location where it is partially shielded. Any length change will be
detected by the LVDT devices, with aluminia rods acting to transfer
the relative displacement to the LVDT core. An in-situ mechanical



test can be conducted during the irradiation, or the sample can
undergo irradiation at temperature and with an applied constant or

cyclic stress for post irradiation testing or examination.

If in-situ stressing is not involved in a particular irradiation, up
to three samples can be irradiated simultaneously under controlled
conditions of dose and temperature. These would be used for post
irradiation testing or examination.

5.4 Sample Handling

The PIREX is being installed in its own experimental hall with a floor
area of 31 by 20 m. The shielding is being stacked to a height of 7
m, which is adequate to reduce the radiation field to an acceptable
level with a beam current of 20 pA. A 20 ton crane is available for
moving the shielding, irradiation plug and other experimental
facilities. All the information and controls are 1located in a
separate, air conditioned measuring room.

After the completion of an irradiation, the irradiation head is raised
into a transfer cask of 10 ton for transfer to the hot cell facilities
of EIR. The cell facility includes electrospark cutting and
electrolitic preparation for TEM and mechanical testing with a
commercial LFC testing machine.

6 PIREX PROGRAM

The materials to be studied include 1.4914 Cr steel, W and W-Re
alloys, and Cu. These materials are candidates in the NET design
study of EURATOM. The PIREX irradiations are allotted 150 days of
beam time per year, with a beam current of 20 pA. The irradiation
doses will be up to 10 dpa and 1000 appm of He gas.
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HIGH TEMPERATURE THERMAL CREEP OF MATERIALS UNDER
NON-STATIONARY STRESS AND/OR TEMPERATURE LOADING
CONDITIONS*

M. BOCEK, M. HOFFMANN#**

Institut fir Material- und Festkorperforschung,
Kernforschungszentrum Karlsruhe,

Karlsruhe, Federal Republic of Germany

Abstract

The abject of this paper is to describe the thermal creep behavior and the lifetime prediction of materials subjected to
non-stationary tensile loading conditions. The calculations are based on HART’s tensile test equation and on a
phenomenological cavitation damage model. From this model the life fraction rule (LFR) is derived. Analytical
expressions for the lifetimes are derived, which contain only stationary stress rupture data. The creep behavior of
non-cavitating and ideally plastic materials is derived from the solution of the tensile test equation for the particular
loading conditions considered. Cavitation damage is known to influence the creep behavior by reducing the load bearing
capability. The corresponding constitutive equation containing the loading conditions as well as the damage function is
derived.

The following loading conditions were considered: (i) creep at constant load F and temperature T'; (ii} creep at
linearly increasing load and T = const.; (iit) creep at constant load amplitude cycling and T = const.; (iv) creep at constant
load and linearly increasing T'; (v) creep at constant load and temperature cycling and (vi) creep at superimposed load and
temperature cycling.

* The full text of this paper was published in Nuclear Engineering and Design/Fusion 2 (1985)
29-52, North-Holland, Amsterdam.

** Now Staatliche Materialpriifungsanstalt, Universitit Stuttgart, Pfaffenwaldring 32,
D-7000 Stuttgart 80, Federal Republic of Germany.
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THERMO-MECHANICAL STRESSES IN STRUCTURAL
COMPONENTS CLOSE TO THE PLASMA

A. LUDWIG

Institut fiir Reaktorentwicklung,
Kernforschungszentrum Karlsruhe,
Karlsruhe, Federal Republic of Germany

Abstract

Structural components of fusion devices will be exposed to severe thermal and
irradiational loadings, either over long time periods of cyclic operation, or
in short transients caused by any accidental events. In both cases, an analy-
sis of the resulting stresses and strains should comprise a suitable simu-
lation of the long-term behaviour, since also the initial conditions, and
hence the consequences of any short-term transients depend on the loading his-
tory suffered by the structure, due to the non-linear effects of creep, swell-
ing, and wall erosion.

As one tool for such analyses, the computer code TSTRELT has been developed,
based on the code TSTRESS which had been written at the University of Wiscon-
sin, Madison. In TSTRELT, like in its predecessor, the structure is repres-
ented by a plate element which is uniformly loaded over its surface. Several
kinematical boundary conditions may optionally be adopted to the element.

The main extension of the code is concerned with the simulation of cyclic
long-term operations. Its method is distinguished from previous approaches by
an approximative extrapolation procedure: the actual rates of creep, swelling,
and wall erosion are replaced by average values which result from repeatedly
inserted short-term calculations covering a small integer number of opera-
tional cycles. As a by-product, the peak stresses over the plate and the
bounds of the stress ranges for zones near to the surfaces are traced as func-
tions of time. These data may be used for low cycle fatigue investigations and
life time predictions. The approach to short-term investigations is similar to
known methods, but realistic initial conditions may be provided using the
long~term algorithms. Thus an efficient tool has been prepared for estimating
the thermo-mechanical behaviour of heavily loaded cowmponents.

The relative simple geometrical model used in TSTRELT appears to be adequate
to limiting estimations in the present phase. It may soon become necessary,
however, to consider also geometrically more complex structures. Then effi-
cient long-term simulations will be even more urgent. For this aim, the long-
term extrapolation techniques of TSTRELT could be combined with a more power-
ful structural model.

The present paper sketches the mathematical model of TSTRELT and the princi-
ples of its realization. Then some results of example calculations are aimed
to demonstrate the capabilities of the code. The input data for these examples
approximate the conditions which the first wall of INTOR will undergo, and the
behaviour of the carbon protection tiles which are applied in front of the
first wall of JET, respectively.

1. Introduction

In future nuclear fusion devices, there will be a lot of structural components
which are exposed to high thermal and irradiational loadings, even at normal
operational conditions. For most present designs of fusion machines (except
only the tandem mirror and the stellarator designs), the significance of these
loadings is enhanced by the necessarily cyclic operation modes.
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Any malfunction of the device may cause especially the thermal loadings to in-
crease even more, leading to more or less severe accidents. The stresses
within the first wall, for instance, which are induced by such events, have to
be analysed in order to prove the integrity of the first wall or to estimate
the aftermath of its failure. It will not be sufficient, however, to start
such analyses from single well defined states of the structure; due to the in-
elastic effects of creep and swelling, the properties of the structural mate-~
rial will change during the lifetime of a device, and wall erosion effects
will additionally alter the geometrical configuration. Therefore, the conse-
quences of any incident depend on the loading history which has been experi-
enced by the structure.

Furthermore, besides realistic initial conditions for transient processes, the
long-term behaviour may be of interest itself. For example, if lifetime con-
siderations are to be performed, the long-term changes of stress levels and
strains as well as of the amplitudes of the stress swing (induced by cyclic
operation) are very important for the evaluation of fatigue models.

In principle, such investigations would demand for an analysis of the total
lifetime of a component from the first start-up to the event under consider-
ation, or to its pre-designed end of life. In most cases, however, such a pro-
cedure is prohibited by the huge computational efforts, because the time in-
crements of the analysis had to be determined according to the changes within
a single operational cycle.

Therefore, approximate meth-

Ny ods are needed which avoid

COOLANT the requirement of simulat-

nestron ing the full lifetime of a

Ny My 195//)/ component in all details.

\\\\ qZ“) One such method has been de-
Oy

veloped by KfK and is re-

1 Oy 0,310 ported in the present paper.
¢ It is aimed to simulate the
Oy long-term inelastical beha-

viour of structural compo-
nents which are exposed to
cyclic thermal and irradia-
tional loadings.

PLASMA

ergsion

N
X The method has been realized

Figure 1: Plate Element Used in TSTRELT in the computer code

TSTRELT, combined with a
simple structural model, which will be suitable for fast estimations. Material
properties as well as constitutive equations for swelling and creep are pro-
vided within separate subroutines which may easily be exchanged for different
materials.

Since the emphasis of this paper is drawn to the long-term simulation, how-
ever, the structural modelling will be sketched only briefly, and the consti-
tutive equations will not be discussed at all, though their formulation re-
presents the best state of knowledge which was available to the author.
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2. Structural Model

The structural model of TSTRELT is based on that of the code TSTRESS [1] which
has been developed at the University of Wisconsin, Madison, several years ago.
Thus the structural equations are essen-

tially the same in both codes. TSTRESS was % %
designed for the investigation of inelas- Y, ¥
tical structural responses due to thermal % V
and irradiational loadings 1like TSTRELT, /é

but it does not contain any special fea- Clamped plare
tures for long-term analyses.

) V.
In order to facilitate investigations into
the inelastical behaviour and, in the case HN, %

of TSTRELT, the development of the long-
term algorithms, a rather simple structural

model has been chosen. It considers shell- “Free plate, constraned from bending”
type structures which are restricted to .

plane stress states; i.e., the stresses /%
normal to the surfaces are presumed to van-

ish identically. Furthermore, only such N, 5 N,
loadings are allowed, which are uniformly u, 7 77

distributed over the surface. Consequently,
also the time-dependent temperature dis-
tribution, which has to be input to the Figure 2: Boundary Conditions
code, must not depend on the surface coor- Available in TSTRELT
dinates, x and y, but only on the depth

into the wall, z. Figure 1 illustrates the general situation wunderlying the
code.

“Free plare wirthour constrainrs”

The '"plate", defined in this way, is subjected to kinematical boundary condi-
tions, which severely influence the cross-sectional distribution of strains
and stresses. Three different sets of boundary conditions have been provided
alternatively, which cover a wide range of interest. They may be character-
ized as follows (see also Figure 2):

o Conditions of a "clamped plate”: The total strains have to vanish iden-
tically throughout the wall thickness.

o Conditions of a "free plate, constrained from bending': The total strains
do not depend on the depth into the wall, but they may vary with time.
They are subject to the equilibrium between the stress resultants over the
wall and imposed membrane loads at each instant of time.

o Conditions of a "free plate without constraints": Here also bending may
occur, and the total strains are allowed to vary linearly with the depth
into the wall. Their time-dependent distribution is again subject to the
balance between imposed membrane and bending loads and the resultants of
stresses and stress-moments.

The stress equations are derived in a general formulation. First Hooke's law
is written in terms of the principal stresses, Ox’ oy, and oz, and of the dif-

ferences of total and inelastic principal strains. After the condition of
plane stress, OZEO, has been introduced, the remaining stress equations are

transformed using the transformation rules 0=§(ox+oy), I=ox-o , and corre-

sponding rules for the strains. This yields formally independent equations
for the "transformed" stresses:

0(2) = {REL [2(2)-e(2)] (1)
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(2)

where € and n are the "transformed" total strains, and e and g are the "trans-
formed" inelastic strains. £(z) and n(z) are linear functions of z, according
to the respective boundary conditions. ¢ and g comprise contributions from
thermo-elastics, swelling, and creep.

Due to the plane stress condition, the total normal strain reads

e, (2) = e () - 20 [e(2)-e(a)] (3)

with e, being the inelastic normal strain.

Equations (1) through (3) are used in TSTRELT in order to calculate initial
conditions. The stress-rate equations, which are the relevant expressions,
are essentially got by taking the time-derivatives of the equations above. If
the material properties do not depend significantly on the temperature, and
hence the time, their time-derivatives may be neglected, and the stress-rate
equations may be written in the following way (in all subsequent equations it
is presumed that all terms are functions of the depth into the wall and of the
time; a dot denotes derivation with respect to time):

o = i%; [s.-e‘] (&)
=i g ) (5)

These equations are partial differential equations for a "clamped plate"
L ] [ ]
(where £ =n =0), but integro-differential equations with the other boundary
L L J
conditions, because there € and n become integrals over the wall thickness

L] *
with ¢ or © appearing in the integrand.

The inelastic strain-rates are composed of contributions from thermal expan-
sion, swelling, and creep:

e =al + V3 s + ecreep (6)
& = gcreep (7)

Here, a is the coefficient of linear thermal expansion, T the temperature, and

S. is the volumetric swelling rate. The temperature distribution in time and
space is presumed to be given. The swelling and creep rates are the subject
of constitutive equations, which have to be provided for each material. In
general, they depend on the stresses, the temperature, the neutron flux and
the fluence, but also other effects may be taken into account.

The stress-rate equations (4) and (5) are completed by an equation for the to-
tal normal strain-rate, where the inelastic terms have already been parti-
tioned into their constituents:

e; = [(1+v)(aT +V35) - 2(1-2v)e;reep - 2ve 1/(1-v) (8)
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Integrating equation (8) over the plate thickness finally results in the
change-rate equation for the thickness itself, where a change-rate due to wall
erosion may be added.

For simulating the stress history within the plate, equations (4) through (8)
have to be integrated numerically, since closed form solutions de not exist.
For this aim, the partial (integro-)differential equations are re-written as
difference equations. In TSTRELT (like in TSTRESS), first order differences
have been chosen, and an explicit time integration scheme has been adopted in
combination with the trapezoidal rule for the spatial integration. The initial
conditions are determined by use of equations (1) through (3).

3. Long-Term Simulation of the Response to Cyclic Loadings

The long-term behaviour of a structural component due to thermal and irradia-
tional loadings is easily calculated, if steady-state loadings are considered.
In this case, the time steps of the integration scheme may readily be in-
creaséd in order to reduce the computational effort to reasonable limits.
stress | This holds no longer for com-
plasa-a ponents which are exposed to
cyclically oscillating load-
i . Then the time steps have
plasma-off 1ings P
to be much smaller than the

X cycle period, and they are

é : limited by the fast changes

=2 § which occur within a cycle. As

> indicated above, it is gener-

depth mro the wall ally impossible to follow the

al Inifial Stress Distributions stress history in this case

over long periods of time in
full detail.

Therefore, approximative meth-
ods have been proposed by se-
veral authors, for instance by
Danner ([2], Watson [3], and
Fett [4]. In principle, they
P all separate the inelastic

— > long-term effects from  the

operarion five (Loog-terni short-term cycling, assuming

h) Stress History on the Plasma Side for “Plasma-on” and that the latter is essentially
Plasma-off" Conditions due to the thermal 1oads;. ThI:IS
the long-term calculation is

Figure 3: Watson's Long-Term Approach [3] done for continuous loadings,

and the thermal cycling is ac-
counted for by superimposing the thermo-elastic stress-swing to the inelastic
results.

In order to illustrate the differences toc TSTRELT, first Watson's long-term
procedure [3] will be sketched. He used essentially the same structural model
as described above, because he applied the code TSTRESS.

Watson considers the first wall of a tokamak reactor which is cyclically
loaded by heat fluxes and neutral irradiation. He merely distincts between
"plasma-on” and "plasma-off" conditions and calculates the initial stress dis-
tribution for both cases (Figure 3a). For "plasma-on', he imposes the station-
ary temperature distribution, which is reached within a cycle, when the in-
flowing heat flux is balanced by the cooling rate, and the maximal neutron
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flux to the wall. Then he calculates the long-term behaviour under the assump-
tion that the "plasma-on" loads are stationarily applied, yielding a long-term
stress distribution history for "plasma-on". In order to evaluate the stress
distributions under “"plasma-off" conditions, merely the difference between
both initial distributions (i.e., the initial "stress-swing" distribution) is
subtracted from the long-term "plasma-on" distributions (see Figure 3b).

Such a procedure supposes the stress-swing distribution to remain unchanged
during the lifetime of a component, and creep and swelling effects, which usu-
ally are very sensi-
tive to temperature
changes, are calcu-
lated according to
the ‘'"hottest" tem-
perature profile.
These simplifi-
cations are suitable
only then, if the
wall thickness is
not changed signif-

locdl greep/ swellng stram
A

“aver3ge” areep/ swelling rare
|

{ I I 1 T T ] 1

v

icantly by wall ero- fme of oparanon
sion and creep, and al Averagng of Creep and Swelling Rates
if the "plasma-off"

time is short in tocd siess

comparison to the »

"plasma-on" time thert-rarm

within a cycle. Qiﬁcm |D s e
The approach used long-term extrapolaton
with TSTRELT avoids

these restrictions.
Figure 4 gives a

schematical illus- T T T T T | T >
tration. Here, first time of operation
the response history b) Resulting Cyde-initial Stresses

is calculated for
one operational cy-
cle, using the full short-term equations and taking into account the varying
loadings with respect to thermo-elastics as well as to irreversible processes
like creep and swelling. The time step has to be appropriately short, but this
is tolerable, since only one cycle has to be simulated. Now the local '"cycle-
average' rates of creep and swelling are calculated as

Figure 4: Long-Term Extrapolation in TSTRELT

t+At
hd . 1 T
Sav(z) =VYat [ S (z,t') dt (9)
t
t+At
L ]
- . 1 [}
® reep,av(?) = Vot [ ® reep(®>t') dt (10)
t
t+At
® L]
= . t [
gcreep,av(z) =Vatr 7 gcreep(d’t ) dt (11)
t
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and

it is supposed that these average rates remain unchanged for some time

which is significantly greater than the cycle period At, but much smaller than

the lifetime of the compo-
nent. Therefore, the creep
and swelling rates are re-
placed in equations (6)
through (8) by the ex-
pressions of equations (9)
through (11), and now the
equations (&) to (8),
which have been modified
in this way, are used to
calculate the development
of the cycle-initial con-
ditions with time. The
time step in this "long-
term" calculation must be,
consequently, an integer
multiple of the cycle pe-
riod. After some long-term
time steps, the results of
the long-term calculation
are used as initial condi-
tions for a new short-term
analysis of one cycle,
which yields again local
cycle-averaged rates of
creep and swelling. These
new average values, which
are different from the

[ Initializatlion |

F—'—"—"'_'_'—"'—'—:/S“{\:—'—' T

ST—loop

ST—calculation
(one ST—time stap)

¥
{ Optional output}
y

Only ST—calc. demandad

or
ST—analysis of operational
cycle not yet finished ?

Required reg
me reagched ? na

'} o )
Skip to next
ST—time step |

LT—-calculation
(one LT-timse step)

¥
[ Optional output |

Required real Hme rsached

ar
repaatsd calculation of
averags values necessary

previous ones in general, -
are used in a subsequent EﬁﬁhgzﬁszL
long-term analysis as be- L__________J

fore. I.e., the short-term

and %ong-term equations Final output srfﬁgﬂhﬁhon
are integrated by turns T
along with the progress in

problem time. Thus the

procedure is characterized

by an alternating sequence Figure 5: Schematical Flow-Chart of TSTRELT

of short-term and long-
term calculations, as it

(ST = Short-Term; LT = Long-Term)

is indicated by the schematical flow-chart of Figure 5. Furtheron, it may be
seen from this flow-chart that short-term analyses may be run independently
with TSTRELT, but long-term investigations demand for previous and intermedi-~
ate short-term calculations.

This approach to the long-term simulation shows several advantages, which are
briefly outlined in the following:

o]

As only a small part of the problem time has to be analysed in detail
(i.e., by a short-term calculation), the computing time is reduced signif-
icantly. The long-term extrapolation of cycle-initial conditions may be
performed using relatively large time steps, and also the computational
efforts for one long-term time step are diminuished. The additional ef-
fort for computing the average rates, on the other hand, is rather small.

Inspite of this reduced effort, the long-term effects are taken into ac-
count not only with regard to the creep and swelling strains, but also to
cycling thermal stresses, since the short-term calculations are started
from updated initial conditions each time. Besides this, also the vari-
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ations of temperature and neutron flux within a cycle are accounted for
with regard to creep and swelling.

o Due to the repeatedly analysed cycle histories, the development of lower
and upper stress levels, and hence of the stress-swing within an opera-
tional cycle is easily traced. This tracing takes place discontinuously,

but it provides enough information for evaluating low cycle fatigue phe-
nomena.

o Although the long-term time step is confined to integer multiples of the
cycle period and is usually settled to be constant over a computational
run, it may yet be adapted to major changes of the average rates of creep
and swelling which occur in the progress of operation time. In this case,
a simple restart technique will allow to change the predefined values oc-
casionally. The same technique allows to analyse a short transient which
starts after a long period of cyclic operation.

The accuracy of the present approach depends, of course, on the long-term time
steps and particularly on the frequency of the intermediate short-term calcu-
lations, as compared to the actual change-rates of the "average' creep and
swelling. In the applications performed up to now, the long-term calculations
covered about 80 to 160 operational cycles without updating the average rates,
and no significant change in accuracy has been found with these variatioms.
This statement severely depends, however, on the problem data and has to be
checked for each application.

The approach could be refined, in principle, by an iterative procedure which
updates the long-term results by taking into account the subsequent short-term
analysis. Such a refined procedure would become even less sensitive to time
steps and updating frequencies for the average rates. However, it has not been
implemented in TSTRELT, as this code is restricted to estimative calculations,
due to its simple structural model.

But the long-term extrapolation technique itself, which has been proposed in
this section, could be used also in connection with more detailed structural
models. If this is done, one has to balance the increased efforts for coding
and computation against the additional gains in accuracy and time-step inde-
pendency, which may be got from such a refinement.

4. Example Calculations

The code TSTRELT and its long-term algorithms have been used to simulate the
long-term behaviour of two totally different structural components, each of
which is part of the first wall of a fusion device. The original goal of
these calculations was to provide realistic initial conditions for accidental
transients; but, in the present context, only the long-term investigations
will be discussed.

Most of the illustrations show "three-dimensional"” plots which demand for some
annotations. In these plots, normal stresses have been drawn along the verti-
cal axis as functions of time (axis from back to front) and of the depth into
the wall (z-axis, from left to right). In z-direction, the centers of computa-
tional zones have been traced. For this reason the z-axis does not start at
zero and stops at a value lower than the wall thickness. Only a small part of
the actually calculated time levels could be traced.
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Figure 6: Stresses in the First Wall
of an INTOR-Like Reactor During
the First Operational Cycle

plasma

One investigation dealt with the first
wall of a tokamak reactor, cyclically
loaded wunder nominal operational con-
ditions. Input parameters like mate-
rial (SS 316), wall thickness (10 mm),
cycle and burn time (250 s and 200 s),
heat flux to the wall (120 kW/m?® dur-
ing burn time) and neutron flux
(1.5°10'® n/(cm?s) in the average)
have been extracted from the 1982 IN-
TOR report [5]. Wall erosion has been
neglected. Assuming a constant coolant
temperature of 620 K, a maximum wall
temperature at the plasma side of
689 K has been found from these data.
The first wall has been analysed as a
"clamped plate, constrained from bend-

ing", with imposed membrane loads of
1 MPa*m in the directions of both
principal stresses due to the coolant
pressure.

For understanding the long

sults, it will be helpful
first at the short-term stress
of the '"virginal" plate. Figure 6
shows the normal stress distributions
within the first cycle after operation
start-up. It commences with a very
flat distribution, corresponding to
Watson's ‘'plasma-off" condition. When
the heat flux from the plasma sets in,
the plasma side of the wall reaches
higher temperatures and expands more
rapidly than the rear side. This in-
duces tensile stresses on the rear
side and compressive stresses at the

term re-
to look
cycle

side to be superimposed to the initial stress distribution. After shut

down of the plasma burn, the initial stress distribution is nearly reproduced.
- Operational cycles, which start after some time of operation, show different

initial distributions, which will be discussed below,

same behaviour is found.

The long-term development

but qualitatively the

of the cycle-initial normal stress distributions

during 4*107 s or about 15.3 months of operation has been plotted in Figure 7.

The increased tensile stresses at the rear side during burn time induce

there
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higher creep rates than at the
plasma side, and therefore com-
pressive residual stresses are
built up during the operation.
Due to the restricted bending,
these stresses cause, in turn,
tensile residual stresses on the
plasma side. This development of
residual stresses is not stopped
until swelling effects surpass
the creep strains, which takes
place after about 1.8°107 s or
seven months of operation.

The long-term changes of the min-
imum and maximum stress levels
within a cycle have been drawn in
Figure 8for the zones close to
the plasma and close to the coo-
lant Two facts may be read from
this figure: 1. The cycle-ini-
tial stresses coincide with the
cycle-maxima at the plasma side
and with the cycle-minima at the
rear side. 2. The stress-swing
is not changed significantly in
this example during the operation
time considered, because wall
erosion has been neglected and
only a low fluence is reached
within this period, which results
in small changes of the wall
thickness due to creep (see
equation (3)).

As a second example, the graphite
tiles have been investigated
which protect the first wall of

Narmal Stress

?

210 MPa

L3

Figure 7: History of Cycle-Initial Stress
Distributions in the First Wall of an
INTOR-Like Reactor

JET from the shine through of the neutral heating beams. For this aim, the
8 hot spot area has been determined,
S Plasma Side and the input data for TSTRELT
84 * have been chosen according to this
33 area. Thus we have 17 mm thick-
$ =T/ e T ness, a cycle period of 600 s with
:8- Rear Side an - optimistic - burn time of
£ Plasma Side 15 s. When JET will use a D-T
; o N e plasma in its last phase, which
S comprises 10,000 cycles, the neu-
of tron flux will be  about
L/ Rear Side 8.75¢10* n/(cm?s) in the average.

?a - y + + ' The total heat flux to the hot

Eapeed Op. Time (Hours) ¢ 1000

Figure 8: Stress-Swing Histories for

the INTOR-Like First Wall

spot area will be about 35 MW/m?
during the burn time, the major
part of which will be due to the
neutral beam shine through. The

tiles are passively cooled by irradiation to cooler components, the temper-
ature of which we have assumed to be about 520 K. Thus the tile is rapidly
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heated within the burn time from the initial temperature of 760 K to about
1760 K at the plasma side and to 1660 K at the rear side. During the long
dwell time they are slowly cooled down to the initial temperature.
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Figure 3: Cycle-Initial Stress Figure 10: Cycle-Initial Stress
History of JET Protection Tiles: History of JET Protection Tiles:
"Plate Constrained from Bending" "Free Plate Without Constraints”

For these TSTRELT calculations, swelling has been accounted for according to
the formulas given in [6]. Creep effects turned out to be absolutely irrel-
evant. Two calculations have been performed, one of which considered the tile
to be a "free plate, constrained from bending", whereas the other used the
boundary conditions of a "free plate without constraints". Membrane or bending
loads have not been imposed. It is anticipated that the real behaviour of the
tile will be in between these limiting cases, as no bending constraint is pro-
vided by the design, but the heat flux is distributed non-uniformly, thus in-
ducing internal constraints to bending.

In Figure 9, the development of cycle-initial (or residual) stresses is shown
for the '"plate, constrained from bending". Since the "swelling" of graphite
is actually a shrinking for low values of the fluence, the overall image re-
members that of Figure 7; there, however, the creep strains have induced the
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residual stresses. Besides this, the figure over-emphasizes the swelling ef-
fects due to its enhanced stress-scale.

The corresponding distributions for the "plate without constraints' are given
in Figure 10.The levels of the residual stresses are lower by more than one
order of magnitude in this case; due to the freedom of bending they form an
almost symmetrical profile across the plate thickness.

It should be mentioned, however, that the cycle-initial stresses remain insig-
nificant for the JET tiles at all, as the thermally induced stress-swing has
been found to reach up to 12.7 MPa with bending constraints and up to 1.8 MPa
without constraints. In both cases, the cycle-initial stresses do not coincide
with one of the extremal stresses within a cycle, which occur at the end of
the burn time and after a short period of cooling, when heat conduction inside
the tile is flattening the temperature profile.

5. Conclusions

An efficient method has been presented in this paper for simulating the long-
term behaviour of cyclically loaded structures. It has been realized in the
computer code TSTRELT, the short-term algorithms of which are equivalent to
known methods, apart the fact that realistic initial conditions may be pro-
vided due to the long-term facilities.

The simple structural model of TSTRELT and its geometrical restrictions, espe-
cially to the spatial distributions of loadings, appear to be adequate to pre-
liminary estimations of stresses and strains, as they have been done up to now
in the design studies for fusion devices. It may become necessary in the near
future, however, to consider also geometrically more complex structures. Then
it will be even less feasible than for the present simple model, to simulate
the development of stresses and strains in full detail for the total lifetime
of a component. Presumably it would be advantageous in this case, to adopt the
long-term extrapolation techniques of TSTRELT and to combine them with a more
powerful structural model.
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THE RCC-MR DESIGN CODE FOR LMFBR COMPONENTS
A useful basis for fusion reactor design tools development

D. ACKER, G. CHEVEREAU
CEA, Centre d’études nucléaires,
Saclay, France

Abstract

LMFBR and fusion reactors exhibit common features with
regard to structural materials, temperature service level,
loading types.

So, design and construction rules used in France for
LMFBR, that is to say RCC-MR Code, can constitute a good basis
for fusion reactors design.

Some original aspects of RCC-MR design rules are described,
relating to unsignificant creep, ratchetting effect, fatigue
and creep damage limits, creep damage evaluation, fatigue damage
evaluation, buckling.

The main originality of RCC-MR consists to propose comprehensive
simplified rules based on elastic calculations and extended from

classical cold temperatures to the elevated temperature domain.

1) The development of new nuclear plant prototype needs to gather

a collection of design rules.

This step is necessary as game rules between public authorities,
users and manufacturers. It is difficult because the construction of a pro-
totype obviously starts before sufficient knowledge of problems is gained
Therefore, it is advisable to lean on the most recent progress in close

domains in order to take advantages of larger experiences.

LMFBR differs from fusion plant in physical principles, reactor
arrangement, and in some used materials. They are very similar in temperature
level (550°C - 600°C), structural materials (stainless steels), loadings

types (thermal loadings), and irradiation effects (in the core reactor).

Also, the LMFBR rules can be a useful basis for fusion reactor
design and the necessary progress in design rules field are common to

LMFBR and fusion reactors.

The RCC-MR rules for design and constrution of LMFBR components

focus the experience gained in construction of Rapsodie and Phenix and in
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R. and D. progress due to setting up, developing and justifying Superphenix

design analysis.

The RCC-MR building up was decided in 1978 by Commissariat a
1'Energie Atomique, Electricité de France and Novatome, two years after the
Superphenix building start and the first edition is published today, in

1985, November, at the same time as the Reactor start a chain reaction.

2) General layout of RCC-MR design rules

The RCC-MR has the same general organization as light water reactor
codes as RCC-M or ASME III.

A more complete presentation was performed by R. NOEL at the
1st International Seminar on Construction Codes and Engineering Mechanics
in Paris (August 26~27, 1985), and we focused our attention on the chapter 3200,

corresponding to the general design rules. Its organization is drawn fig.l.

§ RB 3210 3 3240-
Applicability domain, definitions, methods, materials
constitutive equations (1), significant creep test

Sigruficant creep test-

No Yes
Damages "type P*  RB 3251 RB 3252
Damages “type S”  RB 3261 {4) RB 3262 (5)
Buckling RB 3271 (3)  RB 3272 (3)
Bolting RB 3281 (2} RB 3282 (2)

Nota

(1) Annexe A3 - Materials properties

{2) Annexe A6 - Bolting analysis

(3) Annexe A7 - Buckling analysis

(4} Annexe A10- Cyclic loadings,
elastoplastic analysis

{S} Annexe A11- Cyclic loadings,
elasto-visco-plastic analysis

Fig 1 - RB 3200 scheme
General rules of analysis

2-1) "Levels'" of components.

Since the safety and system engineering specialists have chosen to
keep the classical 3 classes of safety, the RCC-MR divides also the compo-

nents in 3 levels.

But from the design methods, we can more easily conceive 2 levels
only : the first with requirements of a complete behaviour analysis and

limitative criteria versus every mechanical damage to avoid : excessive
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deformation,plastic collapse,buckling, creep fatigue, ratcheting, and the

second, with requirements limited to design by formulae.

That is why the writers decided to adopt practically the
same design rules for "Level 1" and "Level 2" components, relating the main
differences between the two level to fabrication prescriptions (weld design

and NDE extent).

2-2) Levels of criteria
The LWR design codes distinguish 4 criteria levels.,

The two firsts are corresponding to current in service loading or
to practically unavoidable malfunctions and theirlimits differ slightly
only on the allowable primary stress limits. It seemed more convenient
to RCC-MR writers to define only one level for these situations which

shall not interfere with the future plant working.

The two last levels corresponding to exceptional or hypothetical

accidents are retained.

3) Design rules in the RCC-MR.

The basic idea of the RCC-MR rules is to extend as far as possible

the elastic analysis domain.

A complete discussion of these rules and of their basis would
be too long for this presentation and the subject will be limited to

some original aspects.

3-1) Limit of "unsignificant creep"

The main aim of the RCC-MR is to provide a set of rules availlable

both under "cold" temperature and under "hot" temperature.

These two domains are divided bya'creep cross over curve" and
the allowable rules differ only by additional requirementsbut analysis

methods are identical.

The "creep cross-over curve' is based onan idea first unitiated by
the CEA RAMSES Committee that short excursions at high temperature could
be ignored -as regards creep damage-. An usable curve, drawn for each

. . . . . t .
material concerned, is to be used with a cumulative method in Z l/Tl

to assess the field of "unsignificant creep".
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The principle is to ensure that the total rate of relaxation at

[+
D

the temperatures ti, under assumed stresses of 3 Sm, is lower than 10
Once this condition met, it enables the designer to perform his analysis

with "cold" rules and criteria.

The limit curves are given for each materials, see fig. 2 for

typical example.

th)
105

10

102 /
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gV

d
700 650 600 S50 500 450 o(°0}

Fig. 2 - Creep cross over curve for 316L

3-2) Limits of Ratchetting effect

Progressive distortion by ratchetting must be strictly limited inorderto

avoid amplification of creep fatigue damages as well as to respect strains

limits.

The classical rules against ratchetting are founded on theoretical

works performed with very simple models of materials behaviour (elastic

perfectly plastic, kinematic hardening), even though none of them is avai-

lable to predict experimental results.

The method developped by RAMSES Committee from CEA, is based on

experimental results analysis.

The RCC-MR rule leads to derive from primary stress P and cyclic

secondary stress range A Q an "effective primary stress™ P eff. and apply
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to this stress the same type of limitations as currently applied to primary

stresses.
The fixed limits are

1,2 Sm in the "cold" field, which corresponds to 0,45 % for

stainless steels as a general membrane strain

creep usage factor lesser than one in the "hot" field (same limit

as for common primary stresses).

The curve giving the "efficiency coefficient" P/Peff, versus
"pate of secondarity" A Q/P was originally drawn from experimental
work performed by CEA. It has been progressively refined and confirmed
by plotting any known experimental point gained home or abroad. It is

presented with its experimental validation in figure 3.

Efficiency diagram

P/Peft
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Fig. 3

3-3) Fatigue and Creep fatigue damage limits

The rule principles are similar to those adopted by the "Code
Case N u7"

The fatigue-damages and the creep damages are assessed separetely.
The usual linear summation rule is used for both damages.

The creep fatigue interaction is assessed by means of the classical

interaction diagram (fig.4).
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Fig. 4 - Creep fatigue damage interaction

3-3-1) Fatigue damage evaluations

The relevant parameter for the fatigue damage assessment is the

usual VON MISES equivalent strain range Z—L_:Et which is the sum or two contri-

butions

- a first contribution due to instantaneous elastoplasticity : Agelpl.

- a second contribution due to creep : AL

A_*ielpl and A—gc are derived from the local value (at the actual point under
examination) of the elastically computed VON MISES stress range N

.A—Ul AC1 »
—1
18g,
/
S
of |/ \ Ae
1S Jh/
f/ a ‘/\ | Cyclic curve
B =
8oy 7 . 8a Ae=C
/ | .
/ e N Procedure . .
g 2 1 -To determine Agy from Ag,
2 -To determine Aoy from A¢ imposed
Y] %3/2“E/H+W)Aq
3 -To determne Ae, from Aap
Acp A(P 0,67(Pb+PL -P )’
4 -To' determine Be; from A6 Ke=C
A_' 5 -To determine Agg from Agy
€

Fig S - Fatigue analysis procedure
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Efel 1 is evaluated by summation of four terms (fig.5)

= Af, o+ DL, 4 &, + INE

Afelpl 3 u

where

.Z[El stands for the elastic part of the strain range

NN

N =
1 3 E

. A%, 1is a provision in case significant plasticity should arise from large
2 p g p y g

primary stresses variation.
In most actual cases AS 5 is just equal to zero.

.j:iB stands for plasticity induced by secondary and peak stresses

Rey = (Kg- 1) AL,

The K¢ function derives from the NEUBER's rule applied with the

mean cyclic stress-strain curve of the material.

.Aéu stands for the multiaxial effects

pe, = (Ky-1)ag,

Ky 1is also a function of the temperature and of A¢ which is

pretabulated.

If a part of the loading is strain controlled, the corresponding

strain is not taken into account in the 5T§3 evaluation (fig.5).

If significant creep effects are expected, Z:éc is evaluated as the
creep strain induced by a sustained stress € k (the definition of € k is
discussed below see § 4) during the given hold time of the cycle at the

temperature of the steady state part of the cycle.

This creep strain is calculated from the creep laws specified for

each material.

The fatigue damage is evaluated by use of fatigue curves without

hold time and Minner rule.

3-3-2) Creep Damage evaluation

The creep damage is assessed fromthe life fraction rule with the

maximum estimated stress & k which is generated during the cycles.
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The € k value is appraised as follows

¢k = Pm + KSAE
where
—_— % . .
. AG ~ 1s the stress range corresponding on the mean cyclic curve, to the

previously determined AS elpl

Ks is the symetry factor. This symetry factor depends on the ratio of
Ack divided by twice the yield stress and is taken #m#e account for the
symetry effect which arise during cyclic straining (the main stress value
vanishes, to some extend during cyclic straining). It is defined from

experimental results.

. Pm is the average sustained membrane stress during the hold time

3-3-3) Special case of crack like defect

In crack like defects, under unsignificant creep limits, fatigue
analysis shall be performed at a distance d from the defect line. The
total strain ‘&it evaluated at this point is divided by 1.5 before to
assess the fatigue damage. The parameter d depends from the maxima specified
ultime strength Rum of the material and is equal to 0,05 mm when
Rym < 600 MPa.

This rule was validated from experimental results on CT tests.

Any rule is available in the creep domain.

3-3-4) Comments

In the creep demain, the evaluation of the damage due to the creep

seemsvery conservative since any relaxation effect is taken into account.

An Important R and D effort is sustained about this point.

3-4) Buckling

The RCC-MR proposes a simplified analysis method based on an
elastic analysis of the structure, without defect taken into account, in
order to determine its elastic buckling load %E and its plastic load Ay

for which a point reaches the conventional elastic limit.

Then,)\E must be corrected by a "Knock down" factor X, which
depends on the "structure index" equal to the ratio >\E/>Y and on the
"defect parameter", defined as the ratio of the tolerancies on the

thickness.
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Fig 6 - Buckling diagrams unstable behavior for 316L steel

The Knock-down factor X is given by computed diagrams (fig.6)

depending from the material but not from the temperature.

They have been validated by comparison with many experimental results

corresponding to number of structure types subjected to various loadings.

Conclusion -

We have briefly presented the RCC-MR code and its main originalities.

This code containsthe experience acquired from setting up and jus-
tifying Superphenix design analysis and summarizesthe results of the large
R and D efforts performed as support for the design of this plant or at

longer term perspective.

Its main originality is to propose a very comprehensive set of
simplified rules founded on elastic calculations and extended from the
classical "cold" temperatures to the elevated temperature domain. Some
excessive conservatism could be lightened whenR and D results will give

justifications.

Actually used in industrial practive for SPX 2 project, it has

still to be completed and improved and will take advantage of LMFBR European

development.
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Abstract

Analyses and experiments concerning lifetime predictions of the
first wall and divertor plate of fusion reactors have been performed.
Swelling and irradiation creep strain curves are recommended by the
evaluation of materials data in open literatures. A parametric
lifetime analysis based on a one~dimensional plate model has been
performed. To examine the effects of elasto-plasticity and two-
dimensional configuration, a two-dimensional elastic-plastic analysis
has been applied. Based on thermal and mechanical experiments on a
tungsten-copper bonded duplex structure, its fracture behavior and
lifetime predictions are discussed.

1. TINTRODUCTION

Lifetime analysis of first walls and divertor plates for tokamak
fusion reactors, materials data evaluation, and fatigue tests of the
bonded duplex structure have been performed to examine the life-
limiting mechanisms and failure criteria.

There are uncertainties in neutron irradiation data of materials.
Lifetime predictions are affected by the material data selected. 1In
this paper, for the lifetime analysis, swelling and irradiation creep
strain equations are recommended through the evaluation of the data
compiled in the data base system developed at JAERI.

One- and two-dimensional stress analyses are performed for both
the first wall and divertor plate of an experimental reactor [l], and
the first wall of a power reactor [2]. In one-dimensional plate
model, parametric lifetime analysis considering the effects of thermal
cyclic strain, membrane force, irradiation creep, swelling, and
erosion is performed. Its objective is to examine the influence of
operating conditions and design parameters on the materials used.

Though lifetime analyses have been performed by many
investigators [3-7] so far, the elastic—plastic finite element
analysis considering the effects of swelling and irradiation creep has
rot been performed yet. To take account of the effects of elasto-
plasticity and two—-dimensional configuration a detailed stress and
strain analysis 1is performed by finite element method. Since
irradiation creep depends on a stress level, elastic-plastic anlaysis
is important to evaluate the stress level. Problems in design
criteria are discussed based on the results obtained.

* Toshiba Corporation.
** On leave from Kawasaki Heavy Industries, Ltd.
*On leave from Mitsubishi Heavy Industries, Ltd.
**Century Research Center Corporation.

107



For divertor design studies [1,8], a tungsten protective armor
bonded to a copper (or copper alloy) heat sink is selected as a
reference design concept. Metallurgical bonds using techniques such
as brazing or direct casting are preferable in terms of high thermal
conductance. However, analyses for this duplex structure indicate
that large shear stresses will appear at the tungsten—copper interface
because of the difference in the thermal expansion coefficients of the
two materials. The data base for the interface bond properties
is small. To obtain the information on the properties of the bonded
interface, mechanical and thermal cycle tests on fatigue properties at
the interface of the tungsten-copper duplex have been conducted.

2. MATERIALS DATA BASE

2.1 Database system

The materials properties for Type 316 stainless steel and its
related alloys appeared in open literatures have been evaluated and
compiled in the FMDB-J database system. The system for fusion reactor
materials data has been developed based on the database management
system, PLANNER of computer system FACOM-M380 at JAERI. The materials
data compiled in the system include tensile, creep, fatigue, crack
growth, swelling and irradiation creep as well as fundamental physical
and chemical properties. In the FMDB-J database system, the materials
property data are expressed in property name and relevant numerical
values as functions of experimental variables specifying specimen
preparation, irradiation and test conditions. The variables are
further expressed in the variables name and numerical values. Thus,
the materials property is related to its numerical values with the
variable names, and the data are stored interrelatedly in the form of
data-table sets [9]. The data are entered into the system by a
question—answer way using TSS terminal; numerical values given in
figures are input with a tablet digitizer. Therefore, any property of
specified materials is retrieved as a function of any specified
experimental variables. The retrieved data are superposed after unit
conversion, if necessary, on the CRT screen. Then, the materials
property data from various data sources are efficiently displayed as a
function of any specific variables.

2.2 Structural material

In Type 316 stainless steel as a blanket structural material,
tensile, swelling, creep and fatigue properties are examined for
lifetime prediction with FMDB-J database system. Tensile strength of
the steel 1is increased by neutron irradiation at temperatures below
500°C. The coldworked steel is expected to have total elongation of
larger than 27 in tensile testing after neutron irradiation when the
irradiation and testing temperature is limited below 500°C, even if
the steel contains high concentration of nuclear transmuted
helium{10].

The swelling data for cold-worked 316 steel irradiated at
relatively high temperature (2450°C) are fairly well compiled in FMDB-
J. An example of the swelling data is presented in Fig. 1 for 450°C
irradiations; the data for the samples irradiated at temperatures of
425 to 475°C are plotted in the figure. The fluence dependence of
swelling can conveniently be described as a low-swelling tramnsient
period followed by an acceleration at a regime of linear swelling
[11]. Furthermore, the swelling is little affected by nuclear
transmuted helium at least at temperatures below 500°C, i.e. the data
produced by experimental fast reactors can be used for predicting the

108



20 T I ] T ] T T 1 [ T T T T 1 T ] T T T { 1 T
TEMPERATURE : 425-475°C ]
L a .
s |
;E | N
(ZD B ]
— 10
- | c i
Led
= | i
(f) ~
t R ]
5 -4
: o ;
- % E i@ i
O —Z—m ll%j—" [ I I |
0 25 50 75 100 fed
NEUTRON DOSE (DPA)
Fig. 1 Swelling as a function of
neutron dose with fitting
curves for 20% cold-worked
Type 316 stainless steel.
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swelling behavior in fusion reactor environment. As the minor
elements in 316 steel have been properly adjusted to alleviate the
swelling, old data at low fluences are accounted to be overestimated
at present. With above considerations, the swelling S (%) is assumed
to be described as a function of dpa D,

S = A.D® . (1)

The temperature dependent coefficient A and exponent n are determined
with swelling data for 350, 400, 450, 500 and 550°C. Thus, the
stress-free swelling of cold-worked 316 steel is expressed by

S = 1.54x 1072 exp ( 5z ) +D3° 23
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at temperature T, ranging from 350 to 550°C. The swelling given by
eq.(2) represents the minimum value. The swelling data at
temperatures of 450 to 550°C indicate that the swelling is in a
transient region at around 70 dpa. The swelling curves given by
eq.(2) are smoothly extrapolated to a regime of linear swelling by
adding a term,

5.94 x 107 «exp ( ZBT_3 ) *D-exp (0.108 D) (3)

at least, to a swelling of 15%. The swelling given by

- -12 T y.p3.s
S 1.54 x 10 exp ( 355 )+D
+ 5.94 x 10 L eexp 2—63-5 )*D-exp (0. 108 D) (4)

is considered to represent the maximum value at high fluences (>70
dpa). The swelling curves given by eqs. (2)~(4) are drawn in Fig. 1.
The swelling curves of eq.(4) are shown in Fig. 2 for temperatures of
350 to 550°C with measured data compiled in FMDB-J. It is noted that
only a few swelling data are available at high dpa, especially no data
are seen in the figure for examining the validity of eq.(4) at
temperatures below 450°C.

15 T T T T T T T T T
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Fig. 2 Swelling as a function of
neutron dose with fitting
curves at temperatures of 350
to 500°C for 20% cold-worked
Type 316 stainless steel.
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Irradiation creep is almost independent of temperature but
influenced by swelling. Thus, the creep strain ¢ under a constant
stress O (MPa) is expressed by the following equation,

e/o = B*D + C-§ (5)

where, B and C are constants, D the neutron dose [12]. Irradiation
creep data for cold-worked 316 steel compiled in FMDB-~J can be fitted
to eq. (5) with B=1x10"%® MPa~* dpa~tand C = 3x107° 2™ MPa™!; the
irradiation creep data at temperatures of 450 and 550°C compiled in
the system are also fitted with the constants. An exmaple is shown in
Fig. 3, where normalized creep strain is plotrzd «= a function of
neutron dose with the fitting curve. In the analvsis of the
irradiation creep, swelling is assumed to be described by eq.(4). The
creep srains measured at high neutron doses are distributed above the
fitting curve, since swelling given by eq. (4) is smaller than the
value for actual specimens.

25 I T T I T 17T T T T T l T T 7 T
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() o 375-425°
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(3 + 475-525 ]
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15

N
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STRESS NORMALIZED CREEP (16°/ MPa)

NEUTRON DOSE (DPA)

Fig. 3 1Irradiation creep strain as
a function of neutron dose
with fitting curves at
temperatures of 400 to 500°C
for 20% cold-worked Type 316
stainless steel.

On the fatigue behavior, the relationship between total strain
range A€t and number of cycles to failure Nf was assumed to be fitted
to the following form,

= TuN—~0el2 sN—0.5

Aet = E Nf + F Nf (6)

as reported by Grossbeck [13]. The coefficients E and F have been

related to ultimate tensile strength and fracture ductility,
respectively [14], while the ultimate tensile strength is not much
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changed, the fracture ductility is decreased drastically with neutron
irradiation. Then, the coefficients E and F are estimated to be 0.012
and 0.7 *exp(-0.12 +D) respectively from the experimental data at 430
°C[13] with assumption that E is a constant whereas theF decreases
exponentially with neutron dose. The equation

bey = 0.012+N;°"*% + 0.7 exp(-0.12+D)-N;'"° 7)

can be used for failure lives to 10° cycles in the temperature range up
to 430°C; a fatigue-design curve for austenitic steels is used at
temperatures up to 427 °C (800°F)[15]. The fitting curves given by
eq.(7) are presented in Fig. 4 along with experimental data reported
by Grossbeck [15].
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Fig. 4 Relation between total strain
range and fatigue life with
fitting curves at neutron dose
of 0 to 50 dpa for 207 cold-
worked Type 316 stainless
steel.

It is expected that Type 316 stainless steel and PCA (Ti-modified
316 steel) are reasonably ductile after neutron irradiation at
temperatures below 500°C in fusion reactors, when the steel are used
in cold-worked condition. As a blanket structure material, welding of
the cold-worked steel should be closely examined from both the sides
of blanket design and material properties. Radiation damage to the
weldment and compatibility with coolants are major subjects to be
investigated in the material development. It has been believed that
the swelling behavior is well understood for austenitic stainless
steels. However, swelling data at high fluences are required to be
provided, especially the data at relatively low temperatures are
urgent for the lifetime prediction of the blanket structure (Fig. 2).
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Irradiation creep experiments are requested for Type 316 steel with
optimized chemical composition and PCA; appreciable swelling is not
expected to occur up to a dose of about 50 dpa in the steels [16]. As
to fatigue properties, practically no data have been published for the
lifetime prediction. Crack growth rate is required to be measured at
least after irradiation to high fluences. With so~called fission-
fusion correlation, the effects of nuclear transmuted helium on
materials properties are considered to be carefully examined; high
concentration helium in austenitic stainless steel irradiated in HFIR
may alleviate degradation of materials properties as compared with
fusion reactor irradiations [17].

2.3 Heat sink material

Oxygen—free high-conductivity (OFHC) copper is adopted as a heat
sink material of divertor and its swelling, creep and fatigue
properties are considered in the lifetime prediction.

Based on the experimental data [18-21] given in Fig. 5, the dose
dependence of swelling is assumed to be indepeundent of temrerature.
With the theoretical temperature dependence proposed bty Gomolinski and
Brebec [22], swelling S(%) is expressed by

T -362 2
S = 0.85<Deexp[=~( —1—2—6——) 1 s (8)
as function of neutron dose D(dpa) and temperature T(°C).
2
10 T ,
Temp. Ref.
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o 250°C
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— o 420°C
32 e 285°C 21
o — From equation (8)
= 1
=l 350°C
=
w
150°C
-1
10 -
IO~2 -2 i )
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Fig. 5 Swelling as a function of
neutron dose for copper.

Thermal creep is appreciable in copper above 100°C. Irradiation
creep rate is expected to be smaller than the thermal creep rate. The

relationship of steady state creep rate € to externally applied stress
o(MPa) is fitted to experimental data [23] by following equation,
40842

£=10"%+[1.853x 107 3+0exp( N T . (9)

T __
68.92
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The fatigue properties are expected to be a little affected by
neutron irradiation in the creep regime by analogy of type 316
stainless steel [24]. It is, on the other hand, experimentally showed
that there is no signifficant change in fatigue life at temperatures
up to 200°C [25]. Then, the fatigue property of irradiation copper at
temperatures of 100°C to 200°C is presumed to be little different from
the property of unirradiated copper at room temperature, though
fatigue data is not available for irradiated copper. The total strain
range Aey is related to the number of cycles to failure Ne in annealed
copper [26] by

be, = 1.758-Nz°"7 + O.OO75-NE°‘1 . (10)
Irradiation data on swelling, creep and fatigue below 200°C are
required to reduce uncertainty.

2.4 Divertor armor material

In the present work, tungsten is used as an armor material of
divertor at temperatures below 300°C. Though the data of tungsten is
not enough for prediction of swelling in tungsten at present [27-31],
the swelling, at least up to the neutron dose of about 20 dpa, is
presumed not to cause serious influence on the lifetime prediction.

Thermal creep is not considered to cause appreciable strain in
tungsten at temperatures below 300°C. Furthermore, the dose rate is
low in heavy element of tungsten. Thus, the creep would not inflict
any damage on tungsten.

The equation of fatigue life in unirradiated tungsten at 300°C is
expected to be not much different from that at room temperature. The
equation is experimentally [32] given by

Me, = 0.05124N_79-620 + 0.007425-N 0053 (11)

where A¢_is total strain range, and N_ is number of cycles to failure.
The fatigue life may be reduced by neutron irradiation.

It is necessary to evaluate irradiation data on swelling, creep
and fatigue below 300°C for the lifetime analysis in the future.

3. ONL-DIMENSIONAL LIFETIME ANALYSIS

3.1 Methods of analysis

For a wide variety of operating conditions and design parameters
a one-dimensional computer code has been developed to obtain a
comprehensive understanding about the influence of critical material
properties and their change resulting t.om radiatien damage and the
synergistic effects on lifetime predictions of first wall and divertor
components. An inelastic stress analysis has been performed based on
the plate model [ 4] in which the plate is constrained from bending,
but is free to expand. The code is capable of analyzing the stress in
a plate composed of either a single or duplex material structure. The
flow diagram of the code is shown in Fig. 6.

The lifetime analysis is focused on the first wall and the
divertor plate for a pulsed-operation experimental reactor, and on the
first wall for a steady state operation power reactor. The operation
conditions and design parameters for a reference case are listed in
Table 1. The high heat flux for an experimental reactor corresponds
to localized power deposition to the wall due to rippled-induced
losses of highly energetic lons. The nuclear heating and the damage
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Table 1 Operation conditions and
design parameters for
reference cases.

Parameter F/W of ER® | F/W of PR*[ Dwv of ER
Neutron wall loading 1 3 i
(MW/m?)
Surface heat flux | 12 5~100 75 200
{W/ecm?)
Burn time (s) 2000 Steady state 2000
Reactor cycles (" 158x10* 20 1 58x10°
Coolant Water Water Woter
Coolant temperature| 100 320 50
*cQ)
Coolant pressure 15 15 15
(MPa)
Material 20%CW31655/20%CW316SS |Armor Tungsten
Heat sink Copper]
Thickness (mm) 5 15 Armor 2
Heat sink 2 5
Coolant tube Smmx !Omm| 10mm# 15mm ¢
Coolant velocity 3 5 6
{m/s)
Heat tronsfer coefficlent 198 349 241
{W/em? K)
Membrane stress x 30+50 x 5896 x 536
(MPa) y 025+50 y 217 y 193

s ER  Experimental reactor , PR Power reactor
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rates corresponding to 1 MW/m2 are shown in Tablke 2. Material
properties data other than those described in Sec. 2 were adopted from
ASME Section III [33] and some handbooks [23, 34-35].

Table 2 Nuclear heating and damage
rates corresponding to

1 MW/m2
; Heating rate | Damage rate
Material
e W/em®) | (dpasy)
316SS 10 947
Copper 9.9 10.3
Tungsten 20.6 2.177

3.2 Results and discussions

(1) First wall
The sensitivity of the predicted lifetime to first wall
thickness, erosion rate and burn time for pulsed-operation conditions

of the experimental reactor is shown in Fig. 7. The material
temperature during plasma-off conditions 1is assumed to be the coolant
temperature (100°C). The lifetime is governed by the erosion and
fatigue damage. We define an erosion limit by the minimum wall

9 S
Curve  Thickness Erosion  Burn
No. {mm) rate fime
8l (mm/y) (s}
{ 5 1.0 2000 N
2 5 0 2000
3 5 1.0 200
4 5 1.5 2000
= 5 7 1.0 2000 —
Erosion limit
< el N
£ 6
~ 2
T 5
=
= 5k -
® Erosion limit
E
o 4} -
= 3 0
—
3 Erosion limit i
Y

Fatigue limit

| Fig. 7 Predicted lifetime of the
0 first wall for the experimental
0 50 100 ,
2 reactor as a function of
(W/em®) surface heat flux.

Surface heat flux
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thickness in which the stress due to the internal coolant pressure
meets the allowable stress. According to ASME Code, the allowable
stress given by 1.5 Sm is 350 MPa for 20% cold worked 316 stainless
steel, which requires a minimum thickness of 0.55 mm based on the beam
theory. The impact of creep and swelling to be expected at high heat
fluxes (i.e. high temperatures) does not appear, since the lifetime is
determined by the fatigue damage at low irradiaton fluences. At high
heat fluxes where the fatigue damage is a life—-limiting factor, higher
erosion rates give longer lifetime.

No erosion is assumed in the lifetime analysis of the power
reactor first wall. Major stress in the initial operation are the
thermal stress and the membrane stress due to the internal pressure of
coolant. The thermal stress is relaxed by irradiation creep within
low fluences, and at high fluences the stress due to the swelling
gradient through the wall causes creep strain.

Figure 8 shows the lifetime limited by either creep strain,
swelling strain, or inelastic strain for specified criteria as a
function of wall thickness. The inelastic strain here is a sum of
creep and swelling strains. When the wall thickness is thinner than 1
mm, the membrane stress by the coolant pressure is amajor cause of
creep strain, and the maximum of creep strain appears at the coolant
side. In case of the wall thicker than 1.5 mm, on the other hand, the
stress due to the swelling gradient is a major cause of creep strain
and the maximum creep strain generated at the plasma side is
compressive. In Fig. 9 the lifetime as a function of neutron wall
loading is shown for specified criteria of each strain. The surface
heat flux is assumed to be 1/4 of neutron wall loading.

T I T
Creep strain
5L Swelling strain ]
—-— Inelastic strain
E
=10 =
=
=
E
k]
3
5 - -
Neutron wall loading : IMW/m?
Internal pressure : 15 MPg
o 1 § 1
0 l 2 3

Thickness {mm}

Fig. 8 Predicted lifetime of the
first wall for the power
reactor as a function of wall
thickness.
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10
5k
Thickness of first wall = 1.5 mm
Membrane stress x : 58.5 MPa
y © 21.7MPa
Fig. 9 Predicted lifetime of the
OO : first wall for the power
S ) 2 10 reactor as a function of
Neutron wall loading (MW/m®) surface heat flux.

In the ASME Code Case N-47 [36], the strain limits (average
through thickness: 1%, surface: 2%: local: 5%) are given for the
accumul ated inelastic (plastic and thermal creep) strain of the
components served at elevated temperatures ( >427°C). In the present
analysis, however, irradiation ¢ieep and swelling strains at the
surface (coolant side) appear even at luw temperatures K427°C). If
those strains correspond to the inelastic strain in the ASME Code,
another criteria taking account of the creep rupture time under

neutron irradiation is required.

10 .
\}. ' Limit
N Fatigue
§‘ —~-—Creep strain
o \\. —-— Swelling strain
=3
~
>
=
=
- 5 ~ ~
Q@
£ NN \\\\
2 O
= NN
\\‘\}‘
Surface heat flux : 200W/cm® SNy
Armor : 2mm Fig.10 Predicted lifetime of the
Burn time @ 2000s divertor plate for the
0 | experimental reactor as a
0 5 10 function of heat sink
Thickness of heat sink {mm) thickness.
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(2) Divertor plate

Lifetime predictions of the divertor plate with the duplex
structure composed of tungsten armor and copper heat sink are
performed. In Figs. 10 and 11, predicted lifetimes as a function of
the thickness of heat sink and as a function of the thickness of armor
are shown, respectively. The temperatures of two materials during
plasma-off conditions and the initial stress-free temperature are
assumed to be a coolant temperature of 50°C.

10 T ~

\\\\_2:‘\

Limit 2%
— Fatigue

{___‘ ——~ Creep strain
= —-— Swelling strain
'>\
=
=
— 5 -
[-5]
E
s
=
Surface hcat flux @ 200 W/cm?
Heat sink : 2.5 mm
Burn time : 20005 Fig.ll Predicted lifetime of the
0 . divertor plate for the
0 5 10 experimental reactor as a
Thickness of armor (mm) function of armor thickness.

The lifetime analysis for the normal operation indicates that the
fatigue damage of the tungsten armor due to the thermal stress is not
accumul ated and that the lifetime of this divertor is determined by
the thermal fatigue of the copper heat sink. As shown in Fig. 10, for
the surface heat flux of 200 W/ cm? the maximum lifetime limited by
the fatigue damage appears at the heat sink thickness of 4.5 mm when
the thickness of armor is 2.0 mm. On the other hand, the minimum
lifetime limited by the fatigue damage appears at the armor thickness
of 6.5 mm when the thickness of heat sink is 2.5 mm as shown in Fig.
l1. Lifetime limited by either the creep strain or the swelling
strain decreases monotonously as either the thickness of heat sink or
armor increases, since the distance from the coolant and nuclear
heating raise the temperature at the interface. Inelastic strain in
the copper heat sink, however, is small since the tungsten armor
having very low creep rate and low swelling level constrains the
deformation of the copper heat sink. In other words, creep strain
rapidly occurs in the opposite direction to swelling strain in copper
heat sink to relax the stress generated by swelling.

As shown in Figs. 10 and 11, the copper suffers damge from
fatigue and creep simultaneously. Thus, the lifetime of the divertor
must be discussed by the fatigue and creep damage in the copper heat
sink, if the lifetime should be evaluated according to ASME Code Case
N-47(36]. Since experiments in copper [25] and in Type 316 stainless
steel [37] show that compression creep affects little on fatigue life,
the contribution of creep to the fatigue and creep damage 1is
considered to be small in the present design condition. However, it
may be necessary to discuss the allowable creep strain from the
viewpoint of rupture.
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4. TWO-DIMENSIONAL ELASTIC-PLASTIC STRESS AND STRAIN ANALYSIS

4.1 Methods of analysis

In previous section, inelastic strains have been calculated by
one~-dimensional plate model considering the effects of thermal strain,
internal pressure, irraldation creep, and swelling. When yielding
occurs in the material, elastic-plastic analysis is required. 1In this
section, elasto-plasticity and two—dimensional effects are analyzed by
the finite element method to discuss in detail failure mechanisms in
the first wall and divertor.

Table 3 Conditions for two-dimensional
elastic-plastic analysis,

first wall of first wall of divertor of
experimental reactor power reactor experimental reactor
[¥g)
5 —
analysis < <
model w :
wy
o
- w 7}
™
(unit. mm) &1(_)_”_5_. _._i____,
Young's modulus 180 GPa 165 GPa 400 GPa gw)
120 Cu)
Strain hardning 2.3 GPa 2.1 GPa 1.2 GPa (Cu)
modulus
Yield stress 174 GPa 161 GPa 50 GPa (Cu)
(200°C) (400°C) (200°C)
disruption 8.5 kW/cm? 54  kW/cm?
condition 15 ms 5 ms

Configurations and conditions of the analysis are shown in Table
3. Conditions are the same as those in Sec.3 unless mentioned. Total
strain ¢l is expressed as follows,

et = @ 4 ¢IN 4 th (12)
and

eIl 2 eC 4 S 4 (P (13)
where ee, ehh eth, e€ , €%, and ¢P are elastic strain, total

inelastic strain, thermal strain, irradiation creep strain, swelling
strain, and plastic strain, respectively. Elastic-plastic analysis
is performed with ADINA code [38], where flow theory of plasticity,
von Mises yield condition, kinematic hardning rule for stainless
steel, isotropic hardening rule for copper, and BFGS equilibrium
iteration method are used. It has been modified to consider
irradiation creep and swelling strains, which are divided into both
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normal and shear components from uniaxial strains by

. C
S =2, (14)
ij 20 ij
and
*c _ *8 _ S
07 (=3 ’ (15)

where ('), 5, and 0' mean time derivative, equivalent stress, and
deviatric stress, respectively.

In the first wall analysis, yield strength data [39] for annealed
stainless steel are adopted to examine the plastic behavior at high
heat loads and high irradiation fluences.

4.2 Results and discussions
(1) First wall

Figure 12 shows the inelastic strain component change at the
plasma side of the first wall of experimental reactor during the
pulsed operation. Plastic strain occurs at the begining of the
operation, and it remains unchanged during the operation because the
applied loads are constant. The stress relaxation appears by
irradiation creep at an early stage (~2 MW.y/m?). Fluences higher than
around 3 MW.y/m? generate swelling strain which increases with
fluence. This swelling strain causes irradiation creep strain in
reverse direction (compression) to the swelling strain. The swelling
and irradiation creep strains increase with heat flux because material
temperature increases with heat flux, for example, 423 °C for
100 W/em?, 277°C for 50 W/em2, and 154°C for 12.5 W/ cm?2.
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According to ASME Code Case N-47 |[36], accumulated total
inelastic strain has to be limited for structural integrity. But in
the case of the experimental reactor first wall where the heat load is
dominant, large tensile swelling strain and large compressive
irradiation creep and plastic strain produce smaller total inelastic
strain through their cancelation. Since irradiation creep strain and
plastic strain will yield damage in the material, each inelastic
strain component, namely creep and plastic strains as well as total
strain, has to be limited. The swelling strain should be limited
since it causes an extra stress in the material. Elastic—-plastic
analysis is preferable to elastic analysis to evaluate creep strain
since elastic analysis predicts larger stress level and excessive
creep strain. In this analysis, each strain component is small enough
to meet strain limit of 1% up to 10 MW.y/m?. The reason comes from
the use of creep and swelling data for cold worked stainless steel
first wall.

Strain and stress history at the plasma side of the first wall
after plasma disruption is shown in Fig. 13. Compressive stress and
compressive plastic strain occur initially by the plasma disruption
heat load, and then the stress turns to tensile after the occurrence
of the plasma disruption because of plastic deformation. The stress
relaxation resulting from the appearance of tensile creep strain
occurs during the subsequent normal operation. If a disruption occurs
after the stress relaxation has finished, the same value of strain
will be accumulated as ratchetting strain enhanced by irradiation
creep. But only a part of inelastic strain will be accumulated for
the experimental reactor conditions in which plasma disruptions are
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supposed to occur relatively frequently before the stress relaxation
completes. Since the plastic strain and creep strain appear in
reverse direction each other, as discussed in normal operation case,
each inelastic strain component has to be limited. In case of the
elastic analysis, stress and strain caused by plasma disruption vanish
after plasma disruption. To evaluate residual stress, plastic
strain, and irradiation creep strain which are important for the
lifetime prediction, elastic—-plastic analysis is inevitable.

Figure 14 shows swelling and irradiation creep strains history at

the plasma side of the power reactor first wall during the normal
steady state operation. The swelling strain imcreases with neutron
wall loading because of increasing temperature. The tensile
irradiation creep strain in the figure is caused by the internal
pressure, but at high fluences it turns to compression due to
compressive stress produced by swelling difference through the wall.
The plastic strain is not pronounced because relatively high yield
stress [39] is used iIn the analysis. Results obtained for different
wall thicknesses indicate that the effect of thickness is almost the
same as those in one-dimensional analysis.
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Finally it should be noted that for the discussion of allowable

minimum wall thickness by erosion it is necessary to evaluate membrane

stress increase, buckling by disruption heat load, and break through
of the crack. Consideration on these problems will be needed as a
further work.

(2) Divertor plate

In the duplex structure (armor/heat sink), a large thermal stress
due to the difference of the thermal expansions is caused at the
interface and is one of the important factors for the lifetinme
predition of the divertor plate. The lifetime of the divertor may be

ep
£
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limited by the stress if the failure of armor dose not restrict the
lifetime. The amount of the stress is also dependent upon the
difference between the stiffnesses of two materials (e.g. Young's
modulus, bending stiffness).

Under the normal operating thermal load, the temperatuare at the
interace 1s almost independent of the armor thickness, but the
structure with thin armor gives a smaller thermal stress in copper
near the interface than that with thick armor, due to the difference
in the stiffness between two materials. At a plasma disruption, on
the other hand, the increment of the surface temperature of the armor
is not dependent on the armor thickness, and hence the thermal stress
caused in the structure with thick armor does not become large since
the heat capacity of the armor is large.

Here, the thermo-elastic-plastic strcss analyses have been
performed to examine the above characteristics and to predict the
lifetime of the copper heat sink by taking account of two-dimensional
deformation and the thermal loads at cyclic normal operation and
plasma disruption. The surface heat flux at the normal operation is
200 W/cm®. The heat flux at plasma disruption is 54 kW/em?[1] with
the decay time of 5 msec, which is assumed to be constant during 5
msec. The coolant temperature is 50°C. The thicknesses of copper at
plasma side and tungsten are 2.5 mm and 4.0 mm, respectively. In this
case, the fatigue lifetime of copper is estimated to be around minimum
from the one-dimensional analysis as shown in Fig. 11.

Figure 15 shows the shear stress—strain history under the thermal
loads at normal operation and at plasma disruption, respectively. A
large plastic strain appears during the first operation cycle because
of the low yield strength of copper (50 MPa). Since the copper is
assumed to be an isotropic work handening material, however, copper
deformes elastically in the range of shakedown after the first few
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operation cycles. By the two-dimensional deformation obtained from
the analysis, a large shear strain appears in copper at the interface
near the edge. The equivalent strain range [36] at that point is used
to evaluate the fatigue lifetime. From the fatigue curve of copper
used in one—dimensional analysis, for the long burn time of 2000 sec
the lifetime is larger by about one order than values estimated by
one—dimensional anslysis since the strain used for the lifetime 1s
obtained by two-dimensional elastic—plastic analysis and the
equivalent strain range is used. Therefore, one-dimensional analysis
is not adequate for the lifetime evaluation of the divertor since the
amount and direction of the strain components are affected by the two-
dimensional deformation and/or the shakedown behavior of the copper.

After the plasma disruption, the temperature at the interface
rises by about 50°C. The plastic strain increases as same as one of
the first normal operation cycle. As mentioned previously, however, a
large ratchetting strain will not increase after the first plasma
disruption. It should be noted that the lifetime of copper will be
limited by the time dependent inelastic strain (thermal creep,
irradiation creep and swelling strains) for the long burn time
operation.

From the results obtained by these analyses, the fatigue lifetime
of copper dose not reduce significantly with the increase of the armor
tungsten thickness. The optimum thickness of armor should be
determined by taking accont of the fatigue damage of copper for the
short burn time operation (<200 sec) and by taking account of the
inelastic strain (plastic strain, thermal and irradiation creep
strains and swelling strain) in the copper heat sink for the long burn
time operation. Among them, since the plastic strain depends upon the
yield strength, the use of copper alloy with high yield strength is
preferable for the divertor heat sink material.

5. FATIGUE EXPERIMENTS FOR TUNGSTEN-COPPER DUPLEX STRUCTURES

5.1 Mechanical fatigue tests
(1) Experimental procedure

The specimens used for tests consist of 99.9%4 purity tungsten and
oxygen—free high—-conductivity (OFHC) copper. Tungsten was prepared
from powder metallurgy tungsten followed by a cross-rolled process at
1500°C. The bonding of tungsten and copper was carried out by
brazing. The brazing filler metal is the nickel-based braze alloy
(BNi-6). The silver—based braze alloy (BAg—13) was eliminated because
of the poor wettability and the lower shear strength.

The static shear strength test was performed on the lap joint
tensile specimens for various parameters (lap length, temperature).
For example the average shear strength across the interface of the
tungsten—-copper lap joint is about 70 MPa for the overlap joint
distance of 10 mm. The fatigue test was not conducted for the lap
joint specimen, since the peak shear stresses appear at the edge of
interface and make the fatigue life evaluation difficult.

The butt joint torsion specimens were prepared for the fatigue
test. Figure 16 shows the specimen configuration. The solid specimen
of copper was prepared to compare the fatigue life of the brazed butt
joint specimen with that of copper. The torsion specimen may have a
merit in regard to the simulation of shear stress distribution on the
divertor plate. On the divertor plate, the shear stress at the
interface fall off rapidly with distance from the edge of plate, and
there is no shear stress at internal points away from the edge. The
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Fig.16 Torsion fatigue test specimen.

maximum stress for the torsion specimen also occurs at the boundary,
and the stress decreases linearly to the value of zero at the center
of the specimen.

Torsion fatigue tests have been performed in strain control
utilizing a triangular wave form. Tests were performed on a
servohydraulic fatigue system with the capacity of maximum torque of
*] kN .m and maximum torsional angle of 250°,

(2) Results and discussions

The stress response with cycles for the brazed joints is shown in
Fig. 17. The brazed joints exhibit the cyclic hardening for various
strain range. It is thought that both tungsten and Ni brazed metal of
specimen are in an elastic stress-strain state, and the cyclic
hardening of specimen occurs mainly in OFHC copper annealed by the
brazing process.
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Fig.17 Stress response to cycles for
brazed joint tested at various
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The results of fatigue tests are plotted for the tungsten-copper

brazed specimen and the copper solid specimen in Fig. 18. The crack
initiation is generally determined at the onset of rapid reduction in
stress range. However, this definition could not be applied to the
torsional test using the solid specimen since there is little change
of torsional torque even with a large crack propagation. The crack
initiation 1life of the solid specimen was defined by the <crack
propagation of 1 mm length on the surface of the specimen. The

failure 1life was defined by the omnset of a reduction of 5 % torque
range compared with a period of stable stress-strain behavior.

The fatigue life to failure for the brazed specimen tested at
room temperature agrees well to that of the copper specimen at 5x10%

cycles and above (a low strain range), as shown in Fig. 18. This
result shows that the fatigue life of the brazed specimen in the 1low
strain range depends on the strength of copper base metal. At 5x10

cycles and below (a high strain range), the fatigue life of the brazed
specimen is inferior as compared with that of the copper specimen.
The fatigue 1life of the brazed specimen in the high strain range
depends on the strength of interface and tungsten base metal.
Examinations of the crack propagation indicate that the fatigue cracks
have been propagated from the interface to copper in the low strain
range, and from the interface to tungsten in the high strain range.

Figure 19 shows the nominal shear stress amplitude as a function
of the cycles generating 1 mm crack initiation for the tungsten-copper
brazed joint. This curve is obtained from Fig. 18 in consideration of
the cyclic stress-strain response curve. The shear stress amplitude
for the fatigue crack initiation 1life of 10 cycles has been
estimated to be 70 MPa.

The fatigue 1ife of the interface obtained may be used for the
lifetime prediction of the divertor plate. Test results imply that
under thermal cycles with large strains the fatigue crack appars to be
generated in the tungsten layer of the plate. As shown in Fig. 18, a
large number of cycles is required from the c¢rack initiation to
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failure for W-Cu brazed joint. The divertor plate will also have the

long lifetime to failure after the crack initiation. So it will be
important to evaluate crack propagation life.

5.2 Thermal fatigue tests
(1) Experimental procedure

Tungsten and copper have been successfully bonded by both means
of brazing and direct casting. Direct casting 1s made by heating a
copper rod placed on a copper-plated tungsten disk up to 1200-1300 °C.
Thus, the directly casted bonds have no interlayer between tungsten
and copper. Three test pieces made by silver brazing and one test
piece made by direct casting were prepared for testing. A schematic
drawing of the experimental apparatus used is shown in Fig. 20. The
tungsten surface was heated by high temperature argon plasma flow.
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Fig.20 An experimental apparatus.
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The back surface of the copper was cooled by water. A structure of
the test pieces are shown in Fig. 21. The thickness of the tungsten
disk is either 5 mm (casting) or 20 mm (brazing), and the diameter is
50 mm. Three thermocouples are mounted in the copper disk to measure
the temperatures in the vicinity of the joint and the cooled surface.
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Fig.21 A structure of the test pieces.

(2) Results and discussions

Typical experimental conditions are as follows. The heat flux on
the tungsten surface is around 0.7 MW/m?, and the temperature near the
the joint is 160°C. Thermal cycles of 200, 1100, and 3700 times have
been imposed on silver brazed test pieces, and of 2200 times on the
casted test piece. All the test pieces have shown no breaking and had
no visible cracks on the surfaces, After eye inspection, the test
pieces were cut into small samples and examined by SEM. Test pieces
not exposed to thermal cycling were also served for SEM observations
to see the effect of thermal cycles. Photo 1 shows typical
microcracks found in the tungsten layer of the silver brazed test
piece exposed to 1100 times of thermal cycles. As seen in the
photograph tungsten wused is polycrystalline. All the test pieces
exposed to thermal cycles have been revealed to contain microcracks in
the tungsten grain boundaries. Large cracks are also found in the
tungsten layer of the casted test pieces as seen in photo 2. However,
effect of the number of thermal cycles on the population and size of
the cracks are not clearly found. On the other hand, no cracks and no
microcracks were observed in the test pieces which were not subjected
to thermal cycles.
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Figure 22 shows Micro-Knoop Hardness in the copper layer adjacent
to the joint interface of the casted test piece. Solid and open
symbols indicate the data of non thermal cycled and thermal cycled
test pieces, respectively. The solid line shows the distribution of
the plastic strain which was calculated by the finite element method.
The yield strength of copper is assumed to be 50 MPa in the analysis.
Although the quantitative relation between the Hardness and the amount
of the plastic strain of copper is not clarified at present, the
qualitative agreement is observed in the distribution through the
thickness of copper.

A large amount of the plastic sirain is caused during the first
thermal cycle. Since copper is ar isocropic work hardening material,
copper deforms in the range of shakedown after a few thermal cycles
and a large increment of plastic strain dose not appear. The amount
of the plastic strain is limited to prevent the failure due to the
large deformation.

6. CONCLUDING REMARKS

* In case of the first wall of pulsed-operated experimental
reactors, the lifetime is governed by erosion and fatigue damage
rather than swelling or irradiation creep according to the results
of the present analyses.

® From the two-dimensional elastic-plastic analysis, swelling and
irradiation creep are negligible small at low irradiation £fluence
below 6 MW.y/m? (highest fluence adopted in experimental reactor
designs [8]).

. As for the effect of plasma disruption on the first wall of the
experimental reactor, compressive stress initially generated at the
plasma side turns to tensile after plasma disruption because of
plastic deformation. The stress relaxation by irradiation creep
occurs during about 1~ 2 year normal operation, and disruptions

131



occuring during the relaxation period will enhance the ratchetting
strain. To analyze these behavior the elastic-plastic model is
needed.

In case of the power reactor first wall which is subjected to
high heat flux, the maximum thickness is limited by the swelling
gradient through the wall rather than thermal stress, while the
minimum thickness is limited by the mechanical stress caused by
coolant pressure. These stresses cause irradiation creep strain.

The two-dimensional elastic plastic stress analysis is inevitable
for the lifetime evaluation of the divertor plate since the amount
of the strain components for the evaluation of the fatigue damage is
affected by the two dimensional deformation and the shakedown of the
copper.

The 1lifetime of the divertor will be limited by the fatigue
damage for the short burn time (<200 sec).

As for the tungsten-copper duplex-structure, the results obtained
from mechanical tests indicate that in high strain range its
lifetime is determined by tungsten failure, and in low strain range
by copper failure. This fact is qualitatively understandable from
the fatigue-life equations (10) and (11).

Though microcracks are observed in tungsten side by thermal
fatigue test carried out up to about 2000 cycles, there is much room
for further consideration of the results obtained in low strain
range (below 1%). Further tests with different strain range and
with more cycles are needed.

Among the configurations adopted in this study, the first wall
and the divertor plate of the experimental reactor have two-
dimensional effects, whereas one-dimensional analysis is a good
approximation for the first wall of the power reactor. For normal
operation, elastic analysis is a good approximation, but elastic-
plastic analysis 1is required for the case of plasma disruption
because of large plastic deformation. Especially, to evaluate the
irradiation creep properly, elastic-plastic analysis is inevitable
because the creep strain depends on the stress level.

Large inelastic strain componetns can sometimes give small
resultant dinelastic strain through their cancelation. A problem
remains to be discussed in terms of the influence of each component
on failure and design criteria.
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LIFETIME ANALYSIS OF PLASMA SIDE COMPONENTS

R.F. MATTAS
Argonne National Laboratory,
Argonne, Illinois, United States of America

Abstract

A one dimensional computer code (FLIP, Fusion Lifetime Prediction) has
been developed to examine the lifetime of first wall and impurity control com-
ponents. The code incorporates the operating and design parameters, the mate-
rial characteristics, and the appropriate failure criteria for the individual
components. The major emphasis of the modelling effort has been to calculate
the temperature-stress—straln-radiation effects history of a component so that
the synergystic effects between sputtering erosion, swelling, creep, fatigue,
and crack growth can be examined. The general forms of the property equations
are the same for all materials in order to provide the greatest flexibility
for materials selection 1in the code. The code is capable of determining the
behavior of a plate, composed of either a single or dual material structure,
that 1s either totally constrained or constrained from bending but not from
expansion. The code has been utilized to analyze plasma side components for
INTOR.

I. INTRODUCTION

Lifetime analyses for fusion reactor systems have been performed over the
years as part of the design studies for the different reactor systems that
have been proposed. Most of these analyses have emphasized particular aspects
of the component lifetimes. For example, early studies emphasized radiation
effects, particularly swelling and ductility loss.! The design limits onm
swelling range from ~ 2-10%, and the limits on uniform elongation range from
~ 0.5 to 2%. The radiation limits were used since they depended only on the
operating temperatures and neutron fluence, and they did not require detailed
analysis of the material stresses or the operating scenario. Other studies
have emphasized the mechanical property limitations, such as fatigue, thermal
creep, and creep-fatigue interactions.?°3 In work by Mattas and Smith, both
radiation effects and mechanical property effects were considered.* A study
by Cramer, et al., also examined both radlation effects and mechanical proper-
ty changes.S In addition, component design, and thermal and structural
analysis were an Iintegral part of the study.

More recent studies have examined the synergystlic effects that occur
during operation.®>7s8 In these studies the interaction of properties such as
swelling, radiation creep, crack growth, and fatigue have been analyzed in
considerable detail. The material most often studied is austenitic stainless
steel because it 1s the most likely structural material in near term devices
and it has the largest data base from which to draw.

The FLIP code was designed to study the behavior of first wall and
limiter/divertor components. The approach used 1s to calculate the synergys-
tic effects of varlous materials properties in a manner similar to previous
studies. The major emphasis of this work is on studying the trends and trade-
offs between materials properties, design, and operating environment. To pro-
vide the greatest flexibility, simple empirical equations are used to describe
materials properties, so that only the coefficlients need to be changed to
study different materials. In addition, the code was designed to examine
duplex structures, since many limiter/divertor designs employ a plasma side
material bonded to a structural heat sink. Most recently, the FLIP code was
used to study the first wall aund divertor of INTOR.®
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II. LIFETIME MODEL

The major emphasis of the modeling effort was to examine component re-
sponse for a wide variety of operating conditions and materials. For this
purpose, a one-dimensional model of a plate is believed adequate, although the
model can, 1o principle, be adopted to 2 or 3 dimensional calculations. Only
normal operating coanditions (burn cycle and down periods) are included in the
model.

The flow diagram for the FLIP code is shown in Fig. 1.10 The code first
calculates the temperature, stress, and straln distribution through a plate
based upon the selected operating and design parameters. Property changes are
then determined for a specific time 1increment, and the effects of those
changes on the initial distributions are evaluated. This process 1s repeated
until failure occurs or the desired lifetime 1is reached.
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Fig. 1. FLIP code flow diagram.

The basic 1inputs to the code are the operating and design parameters.
The design parameters include component material(s) selection, plate thick-
ness, coolant characteristics, primary stress level, initial crack length, and
plate constraint. The operating parameters include the burn cycle character-
istics (ramp time, burn time, dwell time), down period duration and frequency,
surface heat flux, neutron wall loading, and surface erosion rate. Finally,
the fallure criteria for swelling, deformation, and ductility are also pro-
vided.

Either a single or dual material plate can be analyzed by the code. The
dual material plate 1s representative of impurity control components which are
likely to have a low-Z material bonded to a structural material. The materi-
als properties which are considered are the thermophysical, mechanical, swell-
ing, and neutrounic properties. Temperature 1s the primary parameter consi-
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dered for the thermophysical properties. Radiation effects are also considered
in the cases of the thermal conductivity and the elastic modulus. The mech-
anical properties considered are the tensile, crack growth, fatigue, and creep
properties. A bi-linear elastic-—plastic behavior is assumed for the tensile
properties. Temperature, stress, fluence, flux, stress and strain ranges, and
stress Intensity are the parameters included in determining the mechanical
behavior. Radiation swelling is dependent on the temperature and fluence, and
the neutronic properties depend on the neutron flux and fluence.

The material properties are represented by empirical equations that
incorporate the temperature, fluence, and stress dependencies. Whenever
possible the predicted property values are based upon available experimental
data. In many cases, the experimental data are sparse, aund therefore data
from similar materials or best estimates of property values are employed. The
lack of data for many materials means that there 1is considerable uncertainty
built into the model, and the predictions from the model should be viewed as
showing qualitative trends rather than as an accurate representation of
component behavior. Details of the material property equations and the
property data base are given in Ref. 10.

A simple thermal-hydraulics subroutine calculates the temperature dis-
tribution through the plate at various times during the burn cycle. The
temperature distribution 1is then used to calculate the thermal strain dis-
tribution, which is used as input to calculate the stress distribution. The
stresses can be determined for a plate which is either totally constrained
from expansion, allowed to expand but not bend, or 1Is unconstrained. These
three conditions span the possible range of component constraint in the
reactor.

Once the temperature, stress, and strain distributions are determined,
the long term response of the materfal to the reactor environment can be
evaluated. The code determines the swelling change, creep change, fatigue
damage, and crack growth for a time increment At. The swelling and creep
which occurs during the period At results in a modified strain distribution
that 1s used to calculate the changes In the stregsses. The code also deter-
mines the amount of surface erosion during the time increment. The reduction
in plate thickness results in a modified temperature distribution. The pro-
perty change calculations are then repeated using the modified distributions
until either the fallure criteria are met or the component reaches the goal
lifetine. For calculational purposes, the temperature and stresses are
assumed to remain constant during the time increment. Therefore, At must be
chosen such that the stress change 1s small compared with the total stresses
in order for this approach to reasonably approximate In reactor behavior.

IXII. INTOR DIVERTOR COLLECTOR PLATES

The collector plates may be composed of either a single or duplex struc-
ture. The low edge temperature divertor utilizes a high-Z material, such as
tungsten or tantalum, facing the plasma in order to reduce or eliminate sput-
tering erosion. A single material collector plate would be composed of a tan-
talum alloy like Ta-10W. The duplex structure plate consists of either Ta-10W
or pure tungsten bonded to a heat sink composed of Cu-0.5Be-2Ni. The design
and operating conditions are shown in Table 1, and the materials assumptions
used for the calculations are presented in Table 2. The thickness of the
material facing the plasma is low {n order to accommodate the high heat
loads. The combination of the low plasma edge temperatures in INTOR (< 30 eV)
and tge use of high-Z materials means that the erosion rate is esszntially
zero.
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Table 1. Material Assumptions - Collector Plates

General

1. No influence of stress on swelling.

2. VUnirradiated behavior for fatigue and crack growth.

3. Radiation damage rates, helium generation, and nuclear heating calculated
for fusion neutron spectrum.

4. No coolant stress corrosion effects.

Tantalum

1. Fast reactor swelling rates for pure Ta.

2. Radiation creep like HT-9.

3. Fatigue behavior like vanadium and niobium alloys.

4, Low temperature radiation embrittlement similar to vanadium and niobium
alloys.

5. Crack growth rates like HT-9.

Tungsten
1. Fast reactor swelling behavior.

2. Radiation creep like HT-9.
3. Crack growth rates like HT-9.

Cu—-.5Be-2N1i

1. Swelling rate 1/10 rate of pure Cu.

2. Fatigue and crack growth behavior of pure Cu,
3. Radiation creep like 316 stainless steel.

4, Ductility losses like 316 stainless steel.

Table 2. Design and Operating Conditions for Collector Plate Analysis

Parameter Value
Material
Surface Ta-10W, W
Structure Ta~-10W, Cu-.5Be-2Ni
Thickness
Single Material 4 mm
Duplex
Surface 2 mm
Structure 4 mm
Neutron Wall Load 1.3 Mwlmg
Surface Heat Load 4.1 MW/m
Availability 50%
Lifetime Goal 2y
Lifetime Cycles 1.3 x 105
Burn Time 200 s
Dwell Time 40 s
Down Periods/Year 3
Stress Condition Allowed to expand but not bend
Primary Stress Level 50 MPa
Erosion Rate 0
Stress Free Temperature 700, 400 K
Coolant Temperature 363 K

Heat Transfer Coefficient

40,000 W/mK
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The temperature distributions through the collector plate are shown 1in
Fig. 2. The all tantalum design exhibits the highest surface temperature due
to tantalum's relatively low thermal conductivity. There is a ~ 100°C temper-
ature drop between the structure and the coolant. These temperature distribu-
tions are assumed to remain unchanged during the life of the collector plates.
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Fig. 2. INTOR divertor collector plate temperature distribution.

The thermal gradients are largely responsible for the generation of the
operating stresses. Another Important factor for duplex structures 1is the
stress free temperature; 1i.e., the temperature where there are no stresses
generated in the two materials as a result of the mismatch in the thermal
expansion coefficients. This temperature generally corresponds to the temper-
ature of bonding. For this analysis the stress free temperature has been
taken to be either 700 or 400 K. The 400 K value might correspond to the
stress free temperature for plasma spraying. The effect of the stress free
tempevrature on the initial stress distribution during the burn period is shouwn
in Fig. 3 for tungsten bonded to Cu-.5Be-2Ni. For a 700 K stress free temper-—
ature, the stress in the tungsten 1is highly compressive and, in fact, exceeds
the yleld strength of powder metallurgy recrystallized tungsten. For the 400
K stress free temperature, the stress in the tungsten 1s highly tensile. The
400 K stress free temperature is preferred, however, because of the reduced
stresses through the plate.
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Fig. 3. Collector plate stress distribution - W-Cu.5Be-2Ni.
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The stress distributions for collector plates composed of W bonded to Cu-
+5Be—-2Ni are shown in Fig. 4. When W is bonded to the copper alloy (Fig. 4),
the magnitude of the stresses 1is increased due to the large mismatch in the
thermal expansion coefficlents. As radiation creep proceeds, the magnitude of
the stresses during the burn cycle 1is reduced. In essence, radiation creep
will tend to change the stress free temperature to the operating temperature
of the collector plate. 1In this case, however, the stresses never reach zero
during the burn due to swelling in the copper alloy and due to the 50 MPa
primary stress. The swelling of the copper alloy results in a trend towards
compressive stresses In the copper and tensile stresses in W. The swelling
related stress levels reached in the structure will depend on the difference
in the swelling rates of the two materials.
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Fig. 4. W-Cu collector plate - stress relaxation.

IV. INTOR First Wall

The INTOR first wall is composed of 20% cold-worked Type 316 stainless
steel. The plate facing the plasma is 14 mm thick and the coolant 1is water at
90°C. The reactor operating conditions are presented in Table 3 and the mate-
rial assumptions are shown in Table 4.

The tenmperature distributions through the first wall at several times
during the reactor lifetime are shown iIn Fig. 5. The surface of the plate
exposed to the plasma for this and all other relevant figures in this section
is the zero point of the abscissa. The temperature at the plasma side surface
is 558 K, and it drops to 380 K adjacent to the coolant. The temperature
gradient deviates from linearity because of the temperature dependence of the
thermophysical properties and the significant contribution from nuclear heat-
ing. As the plate thickness 1s reduced by surface erosion, the surface
temperature decreases such that after 10 y of operation the peak temperature
is only 421 K.

The thermal gradients through the plate are largely responsible for the
generation of the operating stresses. The stress distributions for .a plate
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Table 3. Design and Operating Conditions for INTOR First Walls

Parameter Value
Material 20% CW Type 316 SS
Thickness 14 mm
Coolant Temperature 90°C
Heat Transfer Coefficient 20,000 W/mK
Surface Heat Flux .14 MW/m2
Neutron Wall Load 1.3 MW/m2
Availability 50%
Lifetime Goal 10 y
Lifetime Cycles 7 x 10°
Lifetime Fluence 52 dpa
Burn Time (s) 200
Dwell Time (s) 200
Down Periods/Year 6

Stress Condition

Primary Stress Level (MPa)
Erosion Rate (m/s)

Initial Flaw Size

Minimum Structural Thickness

Free to expand but not bend
50
7 x 10711 /s
0, 0.5, 1.0 mm

4 mm

Table 4. Materials Assumptions 20%Z Cold-Worked Type 316 Stalnless Steel

1. Fast reactor swelling and creep rates.

2. No influence of stress on swelling.

3. Unirradiated behavior for fatigue and crack growth.

4. Radiation damage rates,
calculated for a fusion neutron spectrum.

5. No coolant stress corroslon effects.

helium generation rates, and nuclear heating
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Fig. 5. Temperature distribution through first wall.

that is allowed to expand but not bend are shown in Fig. 6 for various times
during the reactor life. Early in life (t = 0), the stress is compressive on
the plasma side and tensile on the coolant side during the burn. The stress
levels are near zero during the dwell period. The peak thermal stress ~ 600
MPa is well within the 3 S deslgn guideline. Radiation creep results in
stress relaxation during the burn period such that the stress levels are near
zero after ~ 1 y of operation. The stress levels during the dwell cycle move
towards the opposite of the initial stress distribution during the burn. As
the plate erodes, the peak stress levels are reduced (t = 10 y). Void swell-
ing is predicted to reach only .02X after 10 y and hence it has no impact on
the first wall stress distribution.
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Fig. 6. INTOR first wall distribution.
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Radiation creep at the coolant side of the plate is illustrated in Fig.
7. The creep rate is initially high as the thermal stresses relax during the
burn. At ~ 0.5 y the thermal stresses are almost zero during the burn, and
additional radiation creep 1s due to the primary stress in the structure. As
the plate erodes during the 10 y lifetime, the primary stress 1s assumed to
increase as the ratio of the original plate thickness to the eroded plate
thickness. The increased primary stress results in an increased creep rate
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Fig. 7. INTOR first wall radiation creep.

towards the end of 1life. The total amount of radiation creep is calculated to
be ~ 1.25% during the operating lifetime.

Failure of the first wall could also occur by crack growth from a flaw in
the structure. Fig. 8 i1llustrates the crack growth rate from the coolant side
of the plate for assumed flaw sizes of 1 mm and 0.5 mm. Failure occurs 1if the
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Fig. 8. INTOR first wall - crack growth.
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flaw grows beyond 4 mm which 1is the minimum required structural thickness
assumed for the first wall. The 1 mm flaw 1is predicted to grow to fallure in
~ 4,7 y, whereas the 0.5 mm flaw remains below 1 mm in length after 10 y.

Loss of ductility is another major concern for the first wall structural
material. The change in the uniform elongation in the INTOR first wall is
shown in Fig. 9. The uniform elongation is predicted to reach a level of only
1%2 after ~ 10 y. The loss of ductility to these levels must be considered as
beilng serious, but there are no established guidelines for acceptable ductili-
ty values. A major effort 1s required to develop such guidelines. The yield
strength of the first wall is expected to rapidly increase up to a value of ~
925 MPa. The increase in strength 1s predicted to saturate after ~ 1 y.

T T T T T T T T ]'000

800

700

UNIFORM ELONGATION (%)
YIELD STRENGTH (MPa)

TIME (y)

Fig. 9. INTOR first wall - uniform elongation - yield strength coolant side.

V. CONCLUSIONS

The analysis of the lifetime of plasma side components indicates that
both the first wall and divertor inm INTOR will have acceptable lifetimes.
This conclusion should be considered as tentative, however, due to the con-

siderable uncertainties in the analysis.

First, there are uncertainties concerning the operating environment. For
plasma side components, the parameters of greatest importance are the surface
heat load, the plasma edge parameters, and the disruption parameters. The
surface heat load will in large part determine the operating temperatures and
thermal stress distribution, and the plasma edge and disruption parameters
will establish the erosion rate. The first wall in INTOR has little operating
margin, and a small increase in surface heat load or erosion rate could reduce
the lifetime to an unacceptable level.

Second, there are large uncertainties in the materials properties, parti-
cularly radiation effects. There is a sizable data base for stailnless steels,
but other materials are poorly characterized. A large effort is needed to
establish the necessary materials data for plasma side components.

Third, the FLIP code is limited to 1-D calculations. There is a need to
study component response in 2-D or 3-D calculations to more realistically cal-
culate temperature and stress distributions. It 1s important that such cal-
culations include dimensional changes due to plastic deformation or radiation
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swelling and creep. They should also include the effects of radiation on the
degradation of all materials properties.

Finally, off-normal events should be incorporated into the 1lifetime
studies. A single off-normal event could alter the component stress distri-
bution or be enough to cause catastrophic failure. The most common off-normal
event 1s a disruption which will result In large electromagnetic forces 1in
addition to surface erosion.

In order to verify code predictions, there is a need to compare the cal-
culations with experimental results. This comparison 18 possible for the
study of thermo-mechanical effects, but it is difficult or impossible when the
effects of radiation and erosion are included. 1In the absence of direct veri-
fication by experiment, it is desirable to compare predictions of different
codes with each other. The use of benchmark problems would allow such a com-
parison and would serve to establish the similarities and differences between
code predictions. Finally, there 1is a need to analyze the uncertainties in
the code predictions. The output of such an analysis would be a range of
lifetime estimates that would depend on the ranges of uncertainty of the input

parameters.
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ESTIMATED THERMAL FATIGUE LIMITS
FOR THE FIRST WALL OF NET*

G.O. VIEIDER, A. CARDELLA
The NET Team,

Max-Planck-Institut fiir Plasmaphysik,
Garching near Munich

Abstract

For an early tokamak reactor like NET with modest tempera-
ture- and fluence targets, the life of the first wall panels
(F.W.) and divertor plates will be mainly limited by:

- thermal fatigue during about 105 burn cycles with peak heat
loads of up to 0.3 MW/mz for the F.W. and 7 Hw/m2 for the
divertor plates;

- sputtering erosion and disruptions which are (insufficiently
understood) mechanisms for a potential local loss of material of

up to 1 cm.

A 1-D thermo—mechanical model has been developed for the
prediction of the cyclic thermal strain 4in plate~like F.W.-
components. In this model:
= the bending deformation due to the heat flux was assumed to be
restrained, which is close to the real boundary conditions;

- plate crossections with different coolant channels and protec-—
tion arrangements can be analysed;

- a calibration factor for 3-D effects has been derived from

finite element analysis of several cases.

For given operating conditions and material data, this model
pernits to assess the thermal fatigue limits:

-~ A solid F.W. in asustenitic stainless steel could endure 105
cycles if it has an initial thickness of about 8 mm. If signifi-
cantly larger erosion marging than 5 mm were needed a grooved
protection layer or a ceramic protection would be required.

= Divertor plates made of tungsten bonded to a copper heat sink
and an all-molybdenum concept have been analysed. It appears

that thermal fatigue is more life time limiting than erosion.

* At the time of publication only the abstract was available.
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Major uncertainties in the life time evaluation of NET F.W.-
components are associated with an insufficiant data base on
fatigue including irradiation effects as well as a lack of data

concerning erosion and disruptioms.
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STRESS ANALYSIS OF THE NET OUTBOARD
FIRST WALL BOX

A. CARDELLA, H. GORENFLO
The NET Team,

Max-Planck-Institut fiir Plasmaphysik,
Garching near Munich

Abstract

A very important topic related to the F.W. designs in form of a tight box that
envelopes the breeding blanket is the overall behaviour under the severe
operating conditions of NET fusion reactor.

In this paper the results of the 3-D stress analysis of the NET outboard F.W.
box 1s presented. These results have been incorporated in the preliminary
evaluation of the thermal fatigue limits for the F.W. of NET. (Paper presented
in the same Technical Committee Meeting by G. Vieider).

1. Introduction

In most of the present design concepts, the F.W. in form of tight box
envelopes each breeding blanket segment and consists of a front wall in view
of the plasma, two side walls, top and bottom plates and a stiff back plate.

A very important topi related to this type of F.W. designs is the overall .
behaviour of the box under its severe operating conditions.

It has been then performed a 3-D stress analysis of the NET F.W. box subjected
to the thermal, internal pressure and dead weigh loads. Similar thermal stress
analyses for different configurations can be found in Ref. 1,2.

Electromagnetic effects during normal operation and plasma disruption will be
studied separately in a next analysis. Preliminary results for this type of
loads but for a different donfiguration and scenario can be found in Ref. 3.
The material considered is austenitic steel AISI 316. The NET configuration
adopted is the 2.2.B.

The present analysis was restricted to the outboard part with reference to the
designs which consider an independent separate inboard F.W. segment.

The inboard F.W. can be studied with similar analyses. For the designs which
consider a continuous F.W. from the outboard to the inboard part (e.g. horse
shoe geometry), the analysis should consider the entire F.W. .

The number of outboard F.W. segments can range from a minimum of 24 to a
maximum of U8 segments. These two extreme cases have been included in the
analysis and for each of them, two different F.W. thicknesses have been
analyzed.

The analyses have been performed with the finite element code ADINA. The mesh
generation and the pre- and post-processing have been made with the PATRAN
code.

The detailed description of the analysis can be found in REF. 4.

The scope of these analyses is:

- to evaluate the stress level and distribution in the F.W. box due to the
load induced

- to perform a comparative evaluation of different geometrical parameters.
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2. F.E.M. MODEL

The shape of the F.W. box and the thermal load distribution is such that a 3D
analysis 1s required to better evaluate the overall behaviour. A complete
schematization of the F.W. geometry for each design solution would result in a
very large number of elements and nodes. Infact the schematization of the F.W.
cross section requires a very fine mesh to represent pipes and or cooling
channels, collectors etc. and this mesh should be extended to the entire box
which has much bigger global dimensions.

For this reason and because the scope of the analysis is the overall
behaviour, the F.W. box has been modelled as a simple shell with a constant
equivalent thickness. This shell has been rigidly attached to a stiff 10 ecm
thick back plate. In the top and bottom part, the F.W. box is closed with
proper plates which have been considered to have the same thickness as the
F.W. shell. The front wall edges of the shell in connection with the side wall
and the top and bottom plates are rounded with a proper radius of curvature
(70 mm) in order to have a smoother stress distribution. Of course the results
of the analyses are more applicable to the F.W. designs that are better
approximated by the model. In the cases in which the shape or the cross
section deviates strongly from the model, the indications given by the
analysis should be carefully considered.

Four F.E. models have been analysed;

1) F.W. Box width corresponding to 48 outboard segments and an equivalent
thickness of 10 mm

2) F.W. Box width corresponding to 48 outboard segments and an equivalent
thickness of 20 mm

3) F.W. Box width correpsonding to 24 outboard segments and an equivalent
thickness of 10 mm

4} F.S. Box width corresponding to 24% outboard segments and an equivalent
thickness of 20 mm.

Due to the symmetry of the box, only a quarter of it has been modelled.

For all the models, 3-D solid elements have been used to better represent the
temperature distribution.

The F.W. box is supposed to be free to expand in order to allow the thermal
expansion of the structure. The restraints at the boundary have been applied
accordingly. The same restraints have been applied for the pressure and dead
weight load. For the dead weight the structure is then supposed to be hold in
the equatorial plane. This choice has been taken to keep the same simplified
model. If in the real F.W. box design the box is hanging from the top, the
dead weight stresses should be reconsidered. Fig. 1 show the undeformed
geometry of model 1. Fig. 2 shows a detail of the top or bottom plate. The
other models have a similar shape.

3. DESIGN CONDITIONS

Thermal loads

The conditions affecting the F.W. can vary considerably depending on the
assumptions made of the behaviour of the plasma edge.
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FIGURE 1 F.W. MODEL FOR F.E.M. STRESS ANALYSIS
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The thermal loads, which the F.W. 1is subjected to, are derived from the

expected operative conditions of NET. These loads are cyclic with a period
that ranges from 200 to 1000 sec.

Due to the small thermal transient response time of the the F.W., the analyses
have been performed in steady state conditions. The heat deposition inside_the
F.W. due to neutrons and gamma rays 1is assumed to be in order of 20 W/cm” in
the front wall and almost %inearly decreasing with the distance from the
plasma to a value of 0.4 w/cm” in the zone attached to the backplate.

The surface heating OE the F.W., due to radiation and particle interactions is
assumed to be 10 W/cm~ constant along the front wall surface.

The internal surface of the F.W. shell (front wall and side walls) has been
considered as uniformely cooled by water with the following parameters:

Water average temperature 200°C >
heat transfer coefficient 2.8 W/em</°C

The back plate has been kept at a constant temperature of 200°¢ corresponding
to the coolant temperature. The reasons for this choice are the following:

- It is useful to avoid large temperature differences in the box between the
shell and the back plate

- In some designs the blanket and/or F.W. shell coolant passes also through
the back plate.

Internal Pressure loads

The operating pressure of the F.W. box has not been assessed Yyet.
Nevertheless, it is useful to know the stress levels due to this load. It has
been decided to consider a reference pressure of 0.1 MPa (1 at). For different
pressures, the stresses and displacements can be scaled since the analysis is
supposed to be in the elastic range.

Dead weight

The stresses Iinduced by the dead weight can be automatically computed by the
code used 3o that it was considered useful to have a first evaluation with the
results made available by the computer code. However, the analysis does not
include all the other distributed (such as the ccolant weight) or lumped
weight in the structure.

4. MATERIAL PROPERTIES

In the present analysis the structural material considered is only the AISI
316 SS solution annealed. The results of the previous stress analyses have
shown infact that solutions with AISI 316 are critical and necessitate further
study.

For the loads considered in these analyses the martensitic steel is more
appropriate because the thermal stresses are much lower and the allowable
stress is much higher, living space for the other primary loads. Nevertheless
the use of the martensitic steel have these main problems:

- The martensitic steels exhibit the ductile-brittle transition phenomenon
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The DBTT in the unirradiated conditions is determined by the composition
and thermal-mechanical treatment of the steel and is increased by fast
neutron irradiation

The martensitic steel is ferromagnetic. Its use in a tokamak machine must
be studied from the electromagnetic point of view

Welding is more problematic.

There 1is 1less information on martensitic steel than austenitic with
respect to the effect of irradiation.

If these problems will be solved in the next future, the use of the
martensitic steel for the NET F.W. box should be preferred.

AISI 316 o
Properties 21% 537°C
Thermal conductivity (K/em/°C) 0.145 0.215
Thermal expansion (°C ') 15.46E-06 19.76E-06
Young s Modulus (Kg/cm2) 2.1E06 1.72E06
Poisson s Ratio 0.29 0.34
5. RESULTS

Thermal analysis

The temperature distribution 1s similar in the four models. It is almost
constant on the front wall bulk surface. The temperature slowly increases in
the bended zone at the front wall edges where it reaches the maximum values.
In these 2zones Infact the external surface exposed to the plasma is larger
than the Internal cooled surface. The temperature decreases immediately after
the bended zones to reach near the back plate the temperature of the coolant.

Along the front wall thickness the temperature decreases rapidly from the hot
part in view of the plasma to the cold part in contact with the coolant. The
temperature of the surface in contact with the coolant is alsmost uniform in
the zone in front of the plasma and in the bended zones. It decreases to reach
the temperature of the coolant in the back plate.

The maximum temperature is found for all the models in the curved zone of the
bottom plate (point A in Fig. 1).

The structure expands in the X positive direction and in the Z direction and
tends to diminuish the curvature in the poloidal direction. The sidewalls if
not fixed to the backplate would tend to enter in the blanket region. The
backplate prevents this displacement, giving small additional stresses on the
front wall edge.

The displacement values seem acceptable.

The stresses are high and mainly due to the strong temperature gradients along
the front wall thickness, There, compressive stresses are present in the
plasma side (hot part) and tensile stresses in the cooled side (cold part).
The tensile stresses in the cold part are somewhat higher than the compressive
in the hot part. This is due to the non linear temperature distribution along
the thickness. Stress concentrations are present at the frontwall edges and at
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the top and bottom plate edges as expected. The maximum Von Mises stress is
found in point B (Fig. 1).

The maximum temperature, displacement and Von Mises Stress are reported in
Tables 1-2 for the models 1 and 3 together with values at specific location

shown in Fig. 1. The stress values for model 2 and 4 are far beyond yield
strength.

TABLE 1
—_— MODEL 1 i em thick 48 segments
TEMPERATURE
T = 342°% Point A
max
Dmax = 30mm
G v -
nax = 364 MPa Point B

POINT T (E;vm POINT T C;“ vm
hot 322°C 270 MPa hot 320°C 278 MPa
Ay o By
cold 211°¢ 331 MPa cold 210°¢ 335 MPa
hot 323°C 286 MPa hot 322°C 302 MPa
A, B,
cold 211°%¢ 296 MPa cold 211°¢C 301 MPa
————————————————————————————————— e et o . ot ot o ey ] A e A — o — ]
not 318°C 313 MPa hot 317°¢C 321 MPa
As B3
cold 206°¢C 316 MPa cold 206°¢ 321 MPa
nhot 221°%C 55 MPa hot 221°¢ 53 MPa
AU BH o
cold 200°C 67 MPa cold 200°C 59 MPa
PRESSURE
Dmax = 2’1 mm
Vi . 85 MPa
max
WEIGHT
(E; VL . 11.4 MPa
max
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TABLE 2

MODEL 3 1 em thick 2U segments
TEMPERATURE
o]
T o = 335°C  Point A
D = 28 mm
max
(E;-Vm = 362 MPa Point B
max
POINT T ¢S v
not 320°C 249 MPa
Ay
J cold 210°C 314 MPa
not 320°C 264 MPa
Ay
cold 210°C 327 MPa
------- - i - —————— ——— ———— ——————————— = - - A W
hot 320°C 284 MPa
A >
cold 211°C 286 MPa
PRESSURE
Dmax = 9.7 mm

6 v = 161 MPa

max

6 v = 23 MPa
max

WEIGHT

Internal pressure and dead weight

The location of the maximum stresses due to internal pressure is the front
wall end where 1t is attached to the side wall.
The maximum V.M, stresses for models 1 & 3 are reported in Tables 1-2.

Considerations and conclusions

The applied thermal loads cause very high stresses to this t-pe of F.W. box
designs.

Although the necessary evaluation criteria has not been established yet, it
can be said that for an AISI 316 F.W. box with an equivalent thickness of 1 cm
the maximum stesses go beyond the allowable limits for primary plus secondary
stresses. Considering only the thermal stesses, the gap between the allowable
stress and the computed stress is not very high. Still amigliorating the box
shape and, if possible, reducing the stiffness of the structure could bring
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the stresses below the allowable limits but the space left for other primary
loads will be very probably 1little. A better situation can be achieved
decoupling the backplate from the F.W. sidewalls (Ref. 1) or more decoupling
the F.W. front wall from the rest of the structure and still keep the box idea
with other means if feasible (e.g. bellows). Another possibility could be to
let some part of the F.W. work in full elastoplastic conditions. This requires
longer and more difficult analyses and the F.W. lifetime will be affected very
much. Furthermore a partial or total coverage of the F.W. with protection
tiles could be required. This will affect the F.W. designs and other analysis
will be required. An evaluation of the effect of the protection in the F.W.
can be found in REF. 5.

The F.W. design solutions that are not in form of a box should be in a better
situation for thermal stresses. 0Of course the stresses inherent to the thermal
gradients are still present and the more a single F.W. panel is free to expand
the bigger are the displacement to cope with.

In this case the advantages and drawbacks of a separate F.W. panel compared to
the F.W, box must be analysed.
The main advantages of a F.W. box type are the following:

- reduced outgassing problems

- better containment of internal leakages

- possibility to use the F.W. panel as a partial passive loop for plasma

vertical stability

- reduced structure for T breeding (with present situation)

- lower number of collectors/pipes

- easier maintenance of the F.W. blanket unit.

The main drawbacks are the following:

- higher thermal stresses

- higher electromagnetic loads

- easier maintenance of a single F.W. panel.

The stresses caused by an internal pressures of 0.1 MPa (1 bar), considered
separately for the other stresses are low for model 2 that has a high
stiffness (2 cm thick and 48 segments), and acceptable for model 1 and 4 in
operating conditions.

They are surely beyond the allowable 1limits for model 3 where reinforcing
devices are needed.

In faulted conditions the allowable limits for primary loads will probably be
much higher (say twice ), so that these pressures or even higher, depending
from the box design, could be admitted if the F.W. box normally operate at
lower pressure.

At present when the pressure stresses are combined with all the other primary
and secondary stresses (including the stresses due to the electromagnetic

loads), none of the models considered is very likely admissible mainly because
of the too high thermal stresses.

When the analysis criteria for these type of reactor will be established a
proper evaluation will be done.

Dead weight loads should not be a big problem unless very heavy components are
attached to the F.W.

Considering only the above loads, the impact of the segmentation on the F.W.
box can be summarized as follows:

- Thermal stresses are reduced by a small quantity when the segmentation is
reduced (from 48 to 24 segments)
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-~ Electromagnetic forces should be much higher when the segmentation is
reduced. Since they go roughly with the surface they should be the double
for the 24 segment solution. Because the stiffness of a larger F.W. is
reduced the resulting stresses could be even higher than the double.

- Stresses caused by internal pressure in the box due to leakages or rupture
are higher when the segmentation is reduced (roughly the double).

- Dead weigh stresses are double when the segmentation is halfed but the
absolute value is low.

With the above considerations and again looking only at the above structural
aspects, the U8 segment solution is better than the 24 segment solution.

These results should nevertheless be considered together with the other
segmentation problems e.g.:

~ neutronic performances are reduced with the higher segmentation
- vertical stability better with lower segmentation
~ maintenance

A final consideration to be made 1s that the results of this and the previous
stress analyses show that solutions with AISI 316 are problematic for the
considered wall loadings. There is few or no room for other loads than thermal
loads.

Therefore incentive should be given to the martensitic steel even for NET if
the major uncertainties are solved.
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Abstract

This paper summarizes the scope of the problem of first-wall
lifetime prediction as a comparison of the wall response to the
typical loads in a fusion reactor environment and the material
properties. Ways for solving the problem by computation are
indicated and the procedure used in the FWLTIB program is des-—
cribed. Some essential results obtained with this program are
presented which show up the usefulness of analytical methods.
The restrictions with respect to geometry and loading assump-—
tions typical for analytical methods pose limitations which,
together with the uncertainties in the materials data base,
permit only rough lifetime estimates.

1. Introduction

Fairly early in the design of fusion reactors it has been recognized
that the first wall will not withstand the loads to which it is exposed
for the whole reactor life. This feature, of course, reflects into the
economic and ecologic characteristics of a fusion power plant. If the
first wall has to be exchanged several times in the plant 1life both the
consumption of raw materials and the production of radioactive waste
will be increased. In addition to the corresponding direct costs for
fabrication and disposal of the spare parts further costs will have to
be paid for the necessary remote handling equipment and another adverse
economic Iimpact arises from the reduced plant availability due to the
time needed for the replacement. Hence, irrespective of the feasibility
problem itself there is a strong economic incentive for finding a

methodology to predict the lifetime of the first wall.

2. Scope of the Problem

In the absence of the possibility to perform lifetime tests in a real
fusion reactor environment the problem of first wall lifetime prediction

is clearly only accessible from the calculational side. In order to do a
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calculation the following features have to be known:

- the detailed geometry of the first wall

— the loads on the first wall

— the properties of the wall material and

— the environmment in which it is operating.
For the geometry it is not sufficient to know about the overall shape
which is roughly dictated by the plasma shape. More essential are the
details of the cross—section including, for instance, the size, shape,
and location of cooling channels or those of protective components
together with the means of their attachment. The loads which typically
have to be considered are thermal loads in the form of both surface and
volumetric heating, and mechanical 1loads originating from a coolant
pressure and from forces and bending moments introduced by mechanical
supports. The thermal loads are subjected to variation with time during
an operation cycle; the time dependence may even be different for the

surface and the volumetric part of the heat load.

As a consequence of the operation environment additional loads will
arise in the first wall structure. During long term operation in the
neutron environment inelastic strains due to swelling and irradiation
creep, if operated at elevated temperatures even due to thermal creep,
will be generated. At least the differential strains will in turn induce
stresses which superimpose on those produced by the mechanical and
thermal loads. Hence, the response of the wall to the loads is not only
a function of time on the scale of an operation cycle but also on the

long-term time scale.

The environment has also an impact on the geometry. Irrespective of the
dimensional changes due to swelling and creep there is the special
problem of erosion in a fusion reactor which - like corrosion - leads to

a continuous decrease of the first-wall thickness.

The radiation environment is also responsible for a substantial change
of the materials properties, especially of the mechanical omnes. This
means that the relation between the wall response and the respective
property limitation (e.g. stress and strength) may be subjected to a
continuous change. Just this relation, however, and its evolution with

time is the essence of any life prediction methodology.
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3. Ways for Solving the Problem

The scope of the problem which was roughly outlined in Section 2 is once
more summarized in Fig. 1 in form of an information flow diagram which
can be made the basis for a calculation procedure. In principle, it can
be separated into two parts: the evaluation of the first wall responses

and that of the material properties.

FUSION | tmermac
PLASMA LOADS
MECHANICAL
LoADS
L
wa
/ RESPONSE
GEOMETRY
ENVIRONMENT
INELASTIC
LOADS
MATERIAL -
PROPERTIES

Fig.1 Information flow in procedure
for lifetime prediction

In order to obtain the first wall responses a thermo-mechanical analysis
is required. Depending on the complexity of the wall geometry either an
analytical or a finite element procedure can be applied. Such a
procedure has to include both nonstationary analysis on the time scale
of an operation cycle and inelastic analysis on the long term time
scale. This difference in time scales makes the solution of this problem
complicated. Especially in the case that finite element methods have to
be applied the size of the problem and the computer time needed for its
solution may become excessive.

An additional problem arises from the fact that the finite element
programs as they are available today cannot necessarily cope with the
whole problem /1/. Nonstationary thermo—elastic analysis belongs to the
standard capabilities of any program and most of them are even able to
deal with plasticity problems. To a fair extent there are also
algorithms implemented by means of which thermal creep problems can be
treated. Equivalent procedures for irradiation creep and swelling,
however, are only available in a few programs and are often restricted

to a very specific material. Therefore, an appreciable R & D effort is
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still needed in order to adapt these programs to the needs of the first
wall lifetime prediction procedures. In the meantime simplified methods

have to be used.

In the field of materials property evaluation the situation is also far
from being satisfactory. What is actually required is a full description
of the various life 1limiting properties as a function of the neutron
irradiation dose with the data being measured in a typical fusion
neutron spectrum. Today large programmes are underway to collect the
information at least for a few materials envisaged for use in the next
generation fusion devices. Within the procedure of lifetime prediction
these data can be used in two different ways. One 1s to utilize the
original data in evaluated form directly in the procedure and to compare
them with the calculated response. This leads to a lifetime which may be
qualified as "time to failure". A second way is to evaluate this
information independently from the analysis and to derive design codes
and guidelines in the form of admissible limits. Using these limitations
in lifetime prediction leads to a result which is rather to be qualified

as "service life".

With regard to the multinational efforts towards the next generation
fusion machines like NET or INTOR the second way is surely the better
one but it involves a lot of time to achieve the necessary agreement on
the basis of the results of the experimental programmes. The first
approach provides quicker answers even on a preliminary basis and can

therefore provide guidance for the task of code development.

When comparing the needs and the current status in the field of first
wall lifetime prediction the obvious conclusion is that an accurate
treatment of the problem for realistic first wall designs is a matter of
the farer future. Neither the computer programs nor the materials
property data base are sufficiently well developed as to allow a precise
answer to the question of lifetime now. Nevertheless, efforts have been
made and are still being made to attack the problem with simplified
methods. Examples are the SMILE code developed at JRC ISPRA /2/, the
TSTRESS-WISECRACK program system developed at the University of
Wisconsin /3/, and the FWLTB program developed at IPP Garching /4/.
Recently KfK Karlsruhe joined this activity in the framework of the
development of NET /5/. All these codes use analytical methods for
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evaluating the first-wall response. They differ in the treatment of the

inelastic effects and in the way of utilizing the materials data.

In the following the FWLTB program shall be described in order to

demonstrate the possibilities and limitations of analytical methods.

4. The FWLTB program

4.1 Layout of the program

FWLTB is a computer program for simulating the First Wall Long Term
Behaviour in a fusion reactor and for predicting its lifetime. Its
development was started in 1975 with the goal to find a methodology for
describing the long-term effects in simple wall geometries, specifically
in cylindrical and spherical shells. Although this restriction to ome-
dimensionality implies the exclusion of perhaps more realistic wall
geometries and of inhomogeneous loads, two advantages were attributed to
this kind of approach: the geometrical simplicity facilitates
interpretation of the results especlally with regard to the interaction
of the various phenomena occuring during long-term operation; the
application of analytical tools for the thermo—elastic analysis provides

the possibility of performing extensive parametric studies.

While concessions were made with respect to the geometry, much emphasis
was put on a fairly correct representation and mathematical treatment of
the loads and the responses of the wall to these loads. Internal heat
sources in the wall resulting from neutron and gamma interactions with
the wall material are based on the results of one-dimensional
neutronics/photonics calculations from which the spatial profiles are
derived. The time variation of the neutron wall loading and that of the
surface heat load are based on the results of zero-dimensional plasma
physics calculations. This input is analytically treated in a non-
stationary thermo-elastic analysis which additionally takes into account
the existence of a coolant pressure within the cylinder or sphere.
Temperature, stress, and dose rate variations during an operation cycle
are used to calculate the inelastic response in terms of average strain
rates resulting from thermal creep, irradiation creep, and swelling.
These are assumed to be wvalid during a prescribed interval on a so-

called macro time scale. The strains developing within that period of
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time build up additional stresses because temperature and stress are not
uniform across the wall. These additional stresses superimpose on the
initial stress level, which was only determined by the pressure stresses
and the temperature profile. A new non-stationary thermo—-elastic
analysis including this alteration [s performed at the end of the macro
time interval, and the results form the basis for evaluating the
inelastic response during the next interval. It should be mentioned that
no iterative procedure is being used to enhance the accuracy with regard
to the long-term variation of the stress fields; the accuracy is only

controlled by an appropriate choice of the macro time interval lengths.

By using this procedure the stress and strain fields are obtained for
discrete instants on the macro time scale. This information constitutes
the one ingredient necessary for estimating the lifetime. The second one
is the information about the mechanical properties. In parallel with the
inelastic effects the evolution of the ylield strength, ultimate tensile
strength, uniform and total elongation, time rupture and fatigue life is
followed on the macro time scale. This requires that a full description
of these properties be 1Included as a function of the irradiation
exposure expressed in terms of neutron fluence, displacement dose, and
helium concentration. A comparison of the two sets of information is
performed after completion of every macro—time interval. The lifetime is
terminated if the maximum stress occuring during an operation cycle
exceeds certain fractions of the actual yield or wultimate tensile
strength, if the maximum strain exceeds certain fractions of the actual
uniform or total elongation, or if the sum of the 1life fractions
consumed by time rupture and fatigue exceeds unity. In addition to these
five criteria, the accumulated amounts of swelling and irradiation creep
strains and of the total volume increase due to both effects are checked
against prescribed limits which are determined by design features rather

than by mechanical properties.

At a later stage the calculation of the stress intensity was added as
was the evaluation of crack growth rates. By checking both the stress
intensity against the fracture toughness and the crack length against

the wall thickness two further life criteria could be evaluated.
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4.2 Capabilities of the program

The mathematical procedure roughly described above forms the basis of
the FWLTB computer program. It 1s of modular construction, readily
allowing extensions, modifications and refinements. This feature pays
off especially when new materials data emerge from the experimental
programs.

Two separate subroutine packages are available which contain a fairly
complete set of property relations for two different austenitic
stainless steels: the German type DIN 1.4970 and AISI type 316 SS, both
in the coldworked condition.

They represent the status of published knowledge up to 198l. The
irradiation dependence of the properties was modelled from experimental
results and evaluated design equations originating from fast breeder
reactor development programmes. In the case of 316 SS results from HFIR
irradiation tests have been additionally included which give a more
representative picture of the material behaviour in a fusion reactor
environment. Many of the data subroutines can be controlled via input in
such a way that they provide property values deviating from the nominal
ones. Sensitivity studies with respect to data accuracy can thus be
performed.

Apart from management of the property data, the FWLTB program offers
great flexibility with regard to operating modes. Besides the
possibility of exactly treating arbitrarily shaped periodic time
variations of neutron wall loading and surface heat load as obtained
from plasma physics calculations, the program can also be run with the
assumption of idealized pulse shapes. This is a valuable simplification
for scoping studies. The program is also suitable for performing steady-
state thermo—elastic analyses, which extends 1its applicability to
analyses of the 1lifetime problem for reactor concepts allowing
continuous operation. As a unique feature, provision is made in the
program for varying on the macro time scale some load and design
parameters, which in the wusual operating mode are fixed by input
specification. This allows not only the effects of wall erosion and
corrosion to be included but also various types of load histories to be
simulated.

In order to allow effective use of the program, it is equipped with a
versatile system of output routines providing both print and plot output
controlled by simple input specifications.
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5. Some essential results

The results of the many Investigations performed with the FWLTB program
have been published in the proceedings of various conferences. A
complete 1ist of references may be found in /4/. Here only the most
important results of general nature shall be summarized which document

the usefulness of studies with analytical methods.

5.1 The inelastic response

The inelastic response of the wall resulting from swelling and creep
processes modifies the stress and strain fields in the first wall to an
extent which cannot be neglected. Thermal creep strains and, even at
lower temperatures, irradiation creep strains partially equilibrate the
operational thermal stresses such that stress relaxation occurs at the
cold surface. This process may either be amplified or partially balanced
once additional stresses are produced by differential swelling. Upon
amplification or balancing decides the relative position of the
operational temperature range of the wall with respect to the maximum
swelling temperature of the material. For that reason it is conceivable
that different materials behave differently and even the same material

may behave differently in different environments, as is shown in Fig.2.
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Fig.2 Stresses due to differential in-
elastic strains for different ma-
terials in different environments.

The relation between swelling and creep is likewise of big importance as
is shown in Fig. 3. Only if the ratio of the swelling and creep rates is
linear in time or dose the additional stresses saturate. If it 1is
nonlinear with an exponent n >1 a continuous stress increase has to be

expected leading to an early life termination.
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5.2 Important life limitations

Based on the experience from a number of studies it has turned out that
the problem of first wall lifetime can best be discussed by means of a
plcture as shown in Fig. 4. This diagram generated for the case of a
DEMO power reactor first wall made of 20% cold worked 316 SS shows that
the most important lifetime limitations are the tolerable amounts of
swelling and creep deformation, SW5 and IC5, both assumed to be 5%, and
the 1limit due to creep-fatigue interaction, CF, which includes the
effect of helium embrittlement. For given coolant pressure and thermal
loads, creep deformation and creep—-fatigue life are strongly dependent
on the first wall thickness d. It is this dependence which makes erosion
play a major role in assessing the life expectancy. A typical erosion

rate Re = 0.3 cm/yr is represented by the dashed line in Fig. 4.

Within the frame defined by the solid lines optimization of the lifetime
is possible. For the example shown in Fig. 4 the potential of 6 Mw—yr/m2
offered by swelling limitations can just be utilized under the condition
of a 0.3 cm/yr erosion rate if the initial wall thickness do is chosen
about 1.05 cm. Under these conditions the creep—fatigue life consumption
is large at the beginning of operation, but decreases with proceeding
erosion. The creep deformation grows slowly at the beginning, but
increases rapidly as the remaining wall thickness d approaches the IC5

limit.
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Longer lifetimes can only be achieved if this frame is enlarged. Of
primary importance is the improvement of the swelling behaviour or,
alternatively, admission of larger swelling deformations. The lifetime
potential thus provided can, however, only be utilized if at the same
time either the erosion rate is reduced or the creep—fatigue life is
improved. The latter needs either effective means for suppressing the
helium embrittlement which would shift the CF limit vertically upward,
or a significant reduction of the external heat load on the wall

shifting the 1limit to the right.

Just this relation between external heat load, erosion rate, and creep—
fatigue 1life underlines the importance for reducing the uncertainties

not only on the materials data, but also on the plasma physics side.

Out of the further materials properties only the short-term ductility
seems to play a major role in machines operating at low temperatures as,
for instance, INTOR. The problem of crack propagation emphasized over a
long period of time appears in a more favourable light if both erosion
and the inelastic response are taken into account in the analysis. Of
course, the problem may come up again 1f the present predictions of

lower erosion rates should survive.
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6. Conclusions

As was demonstrated by the FWLTB program development and operation,
analytical methods are well suited for combining non—-stationary thermo—
elastic and inelastic long—-term analysis in an interdependent way. This
allows to study the synergism and interaction of the wvarious phenomena
occuring during first-wall operation. The big benefit of analytical
methods with respect to computer time requirements permits to perform
extensive parametric studies and sensitivity analyses. With regard to
the still existing big uncertainties in both the materials data and the
physics loading conditions, investigations of this kind were more
urgently needed in the past than precise predictions of the lifetime.
The restriction to simple geometries was in fact very useful because it
facilitated the interpretation of the results and it hence promoted the

understanding of the first-wall long-term behaviour.

On the other hand, the restrictions to simple geometry as well as to
uniform load distributions are the most serious 1limitatioms for
analytical wmethods. From their application we have learned that the
significant effects are attributable to the existence of any kind of
profiles across the wall. Real first—-wall structures look far more
complicated than simple tubes and therefore the profiles will greatly
differ from those of simple one-dimensional bodies. If, however, the
geometry should be simple the loads will be non-uniformly distributed
and the profiles will be affected accordingly. The best way to overcome
this problem is to proceed in the development of existing finite element
methods, i.e. especially to include suitable algorithms for swelling and
irradiation creep. Nevertheless, it should be kept in mind that even
with a refined calculational procedure the precision of lifetime

prediction will still depend on the data accuracy.
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Abstract

The problems, the available technology and the needed advances on the
theoretical evaluation of the NET First Wall design concepts with respect to
the structural lifetime are described. Major areas are:

- Computational methods to determine the First wall deformations, stresses
and strains under conditions of cyclic elasto-plasticity, swelling,
irradiation and thermal creep and computational fracture mechanics in
situations of inelasticity and high thermal gradients.

- Criteria for the evaluation of the calculated thermostructural response with
respect to the integrity and functional requirements,

— Approaches to handle very complex First Wall geometries through a
combinationof 2 and 3 dimensional models.

Uncertainties and open questions in these lifetime analyses tools and

procedures are discussed and an example of first simple localized studies is
given.

1. Introduction

Envisaged as the sole step between JET and a first fusion power reactor (DEMO)
the Next European Torus (NET) aims at the demonstration, as far as possible,
of reactor relevant technologies with reactor like plasma parameters /1/.

The development of the First wall (FW) and other structural components facing
or located close to the plasma poses a major technological challenge as
compared to the magnet system structures, which benefit of a more advanced
technology, and to the "conventional" components subjected to less onerous
service conditions and structural requirements.

During the current pre-design phase several FW design concepts (/2/,/3/) are
evaluated comparatively also with respect to the structural lifetime. This is
performed on the basis of the existing knowledge on the behaviour of the two
candidate steels, namely the austenitic 316L (s.a. or c¢w) and ferritic-
martensitic 1.4914.

The purpose of these lifetime evaluations is to assist in the final selection
of the material and reference solution of the first wall for the detailed
design.

This paper summarizes the main problems, the approaches available and the
advances needed for the FW lifetime estimations, addressing particularly the
areas of computational methods, structural design evaluation criteria and
analysis modelling and procedures.

2. Structural failure modes

The potential fallure modes determining the FW structural lifetime can be
grouped in 2 categories, related respectively to:

a) material damages impairing the FW integrity and
b) excessive deformations impairing the FW functional adequacy.
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The phenomena and factors associated with these failure modes have been
extensively described in the literature, e.g. f4/.
The major areas are summarized in Fig. 1 and in the following:

1) Fatigue damage due to cyclic stresses and strains resulting from cyclic
loadings.
These are not only the pulsed surface_heat flux (~ 0.15 MW/mZ) and
volumetric heat generation (~ 15 W/cm™) (thermal fatigue) but also any
repeated variation of mechanical (e.g. coolant pressure) and
electromagnetic loads.
In some design solutions the yield limit is exceeded at every cycle (cyclic
plasticity).
The fatigue damage can be divided in a crack initiation and a crack
propagation phase.
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Fig. 1 Main potential failure modes and related factors affecting the

FW structural lifetime

2)If a crack-like defect is already present, as always to be assumed in welds,
the crack initiation phase is bridged and the deterioration considerably

accelerated.

3)Neutron irradiation, gas (He and H) production and liquid metal effects
determine a material embrittlement with a reduction of almost all the
strength and ductility properties of the structural material.

4)Erosion on the plasma site, due to physical and chemical sputtering of the
bare wall, anq/br corrosion effects on the coolant site limit the lifetime
because of the reduction of the thickness essential for the primary
stresses and because of the possible generation of crack-like defects.
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5)The temperature could be sufficiently high at large or localized zones for
thermal creep and thus additional damage to be present.
Fatigue, creep, irradiation and corrosion effects can interact, thus
accelerating further the material damage.

6)An unfavourable combination of cyeclic thermal stresses and a sustained
primary stress could give rise to an incremental accumulation of inelastic
strains from cycle to cycle (ratcheting). That can lead to a ductility
exhaustion or to unallowable excessive deformations.

7)Neutron irradiation induced swelling and creep—strains are supposed to add
directly no material damage. However, particularly the differential
strains due to temperature and stress gradients, result in dilations and/or
distortions of the FW. These could exceed the allowable deformation limits
specified to avoid interferences or excessive frictional forces during
maintenance)or plasma limiter effects.

8)During plasma disruption heat fluxes of 200 to 1000 J/cm2 are deposited
mainly on the inboard wall in a time of order 20 ms and large
electromagentic forces with a complex distribution and a clear@dynamic
nature arise.

3.Lifetime evaluation steps and requirements.

In the FW lifetime investigations the material bulk and surface properties
are undouthg in the foreground and especially the fracture toughness and
the thermal fatigue of the irradiated material and the sputtering rate are
presently among the major uncertainty sources.

However in addition to these "macroscopic™” material properties, which are
obtained on laboratory specimen geometrles and loading, also the actual
construction geometry and operational loading conditions of the FW are
essential factors.
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Conmlitutive DESIGN
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(e g Frnite Element Codes) (Computatton of § ,6,€)
I
l Frocture Hechonics|
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Fortwee Linits [ Stryeturol Design | Movoble Lisats J Results Evoluation
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Fig. 2 Interactions between areas of structural mechanics, material,

engineering design and plasma physics
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The flow diagram of Fig 2 shows the steps of a lifetime analyis, the
connection with the essential tools and the relationship with the
engineering design, the material R and D and the plasma physics.

At first the thermostructural response of the first wall has to be
determined in terms of time and space distribution of the temperatures,
deformations stresses and strains on the basis of a conservative
schematization of the geometry and loadings.

The results are then used directly or through the determination of "damage
factors" and of fracture mechanics parameters to estimate the lifetime and
thus to asssess the structural design adequacy. This evaluation is carried
out on the basis of the allowable limits included in the design criteria.

4.Computational methods

The basis for the prediction of the FW deformations stress and strains is:

a) a mathematical representation of the material behaviour (constitutive
equations) under multiaxial stress and strain states and under conditions
not only of thermoelasticity (linear stress—strain relation), but in
general also of cyclic plasticity, thermal and/or irradiation creep and
swelling (non linear stress—strain relation) as mentioned in section 23

b) a computational algorithm on the basis of a direct analytical or
iterative numerical method.

a) Methods for temperature and elastic calculations are well established.
For plasticity and thermal creep there are many and varied models,

addressing different materials and types of loadings. However no model
describes completely the complex plastic and creep behaviour, which actually
is not clearly understood.
Of concern for FW plastic and thermal creep analysis is the material model
developed by Oak Ridge National Laboratory,{(ORNL), applicable to the
stainless steels 304, 316 and 2 — 1/4 Cr = 1 Mo /5/. The model has been
implemented in general purpose finite element computer codes, as e.g. ADINA,
MARC, ANSYS, and used in the fission technology, particularly for high
temperature design of fast breeder (LMFBR) components.
In the ORNL model the total strain components (Eg{) are considered to result
from the sum of the elastic (&.3-" ), plastic (&f-'" ),and thermal creep(&%‘."”’)
strains. The loads historgram is divided in small but discrete time
intervals ( A& ) and the corresponding increments of the plastic strains
(A&Z-L)and thermal creep strains ( Aeg‘-’c")are calculated separately and summed
to get the total strain. Thus at every time t +4¢

' teat el pL H. o

(1 c+at E_:jr = E“-.j + p AE«J + 2 AeoJ
where the 2 refers to all the time steps from t=0 to t + At.
The model assumes no interaction of plasticity and creep, i.e. no effects of
prior plastic strains or subsequent creep strains and viceversa; but prior
creep strains are considered to contribute to the hardening similarly to
plastic strains.

The relationship to calculate plastic strains are:

- the stress—strain relationship in the uniaxial case,

- the von Mises yield condition,specifying the onset of plasticity for
the multiaxial stress state,

- a hardening criterium,specifying the changes of the yield condition during
the plastic flow (e.g. isotropic or kinematic hardening).

176



b)

Analogously, for the calculation of creep strain it is required:

- a creep law relating the creep strain to the time, stress and temperature
in the uniaxial case, including primary and secondary creep;

- a hardening criterium specifying the creep strain accumulation in
conditions of variable stresses and temperatures.

Furthermore a relationship is required to relate the multiaxial strain

increments components to the multiaxial stress—~and stress increments-

components (Flow rule). For both plasticity and creep these flow equations

are formulated assuming:

- isotropic material and constant volume with respect to plastic and creep
strains, and

- plastic strain increments and creep strain rate not dependent on the
hydrostratic stress states and proportional to the deviatoric part of the
stress tensors.

The validity of these hypotheses for the conditions of the first wall

materials is to be verified.

The classical inelastic calculation approach is based on a linearization of
the problem through the iterative time increment method and the initial
strain-or initial stress—~or variable stiffness matrix-procedure /6/. At
every time step several iterations are carried out and in each one the
deformations, total strains and stresses are calculated elastically
accounting for the values of the inelastic strains of the previous
iterations. The iterations are continued until the equilibrium conditions
and the stress—strain relationships are satisfied within a convergence
tolerance.

Procedures to calculate inelastic strain due to swelling and irradiation
creep, although presenting no further difficulties, have been implemented in
quite few inelastic finite element codes, probably because of the limited
applications.

In the special purpose code IAFETIN /7/ developed for structural analyses of
fast breeder core components, swelling strains depending on temperature and
neutron fluence, are handled similarly to thermal strain; irradiation creep
strains, depending on stresses and neutron fluence, similarly to thermal
creep strains. Both are incorporated in the iterative time increment
procedure, so that at every step either the time independent (plasticity) or
the full time dependent (swelling, thermal and irradiation creep) behaviour
can be considered.

However, for the cases where thermal creep and plasticity effectgare
irrelevant, the procedure can be simplified, taking advantage of the fact
that the existing irradiation creep empirical correlations for stainless
steel show a linear dependence of the creep strain on the stress. That
permits to define an equivalent E modulus and an equivalent Poisson ratio
accounting for the fluence dependent factor of the creep law, and thus to
reduce the time increment calculations to only 1 elastic iteration.

Detailed elasto-plastic and creep calculations of the first wall structural
reponse could be considerably more expensive and time consuming than the
simple thermoelastic analysis, even for 2D models. The effort and also the
results can strongly vary depending on the calculation strategy (subdivision
of the load histogram in increments, convergence error, preliminary
preparatory analyses etc).

The necessity of analysis procedures considering extensive simplifications
in the geometry, loadings and material model is therefore evident.
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5. Structural Design criteria

Besides adequate computational procedures to determine the FW structural
response, as described in Sect.3 , the assessment of the structural design
requires also a set of rules to evaluate the predicted deformations,
stresses and strains with respect to the potential failure mode (structural
design criteria).

A simple, even if very conservative set of rules is needed for common use
within the NET project in the predesign phase to evaluate different design
options. Furthermore, complete and qualified criteria are needed for the
full validation of the selected reference solution in the successive
detailed design phase.

Because of the peculiar operational conditions and of the complex material
behaviour the needed criteria exceed the bounds of the present-day
technology. The most complete reference basis can be the structural design
codes in use for fission technology as e.g. ASME code sect III /8/, and in
particular for the high temperature components of a fast breeder reactor
(LMFBR), as e.g. the code case 47 /9/. Unfortunately, there is no standard
code for the highly irradiated fast breeder core components, whose lifetime
problematic, despite the different structural requirements, is in several
points analogous to that of the FW.

Therefore, development work in this area has been initiated within the NET
project. Table 1 shows a first draft of simplified critera, proposed for
use in the predesign phase. The symbols used in Table 1 are the usual ones
of the ASME code.

Table 1 : Proposal for structural design criteria for the predesign of

the NET plasma facing components

STRUCTURAL INTEGRITY FUNCTIONAL
LOAD CONDITIONS DUCTILE AWD FAST FRACIURE | FATIGUE GCREEP) | INSTABILITY |  REQUIREMENTS
CATEGORY 1 |
Un_n'v 2 6 '6‘ 1 Lood '
+ Normal pulsed operation |16, =~ ¢ 5,70t 6,365 ]2 ood strain 5. (T i )
« Scheduled transients  6p gy € 1.5 Sn »a 2 (425) Lo ' Emox Y
N Tt L) ¢ Saut ¢ plassa )
« Anticipated Likely abnormat 'Ebl*¢r< £, (base mot T, L) <1 <z ¢ Z‘; S ot { masnten )
conditions. 172 Eau —=welds time indep )
{disruptions P) Gponat G € Sm ' 8 ot (divertor
£., (6, ¢ Eall 45_2 heat Flux)
! )
Ki™(0,t A gt 80, )¢5 Kie T, 80 (tine dep ) ot RF onten.)
T
CATEGORY 2 .
+ Anticipated unlikely obnormal Gp,n <25n Lnax ! Epe 8 wox
conditions Gp,mib < 3 S e €. S
o col < I—-s( € — < olt salsty
« Design faults K @) <05k g , M

Among the major differences between these interim FW predesign criteria and
the ASME-code are the following:

a)The operational loading conditions are grouped in only 2 categories. The 6
groups classification foreseen in the ASME Code Case 47 is at present
considered premature, because of the nature and frequency of abnormal
transients or fault situations, particularly those that arise from the
plasma, cannot yet be clearly specified.
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The classification of plasma disruptions associated thermal and
electromagnetic loadings deserves special consideration because of the
severity and the high number of the disruptions (~ 1000 in 2 years
blanket lifetime). Pending progress in the plasma physics and a reduction
in the probability of such events (say, down to £ 10), the disruption
loadings will be included in the 1 category. Therefore, the design of the
plasma facing components is required to accommodate the structural effects
so that the components can withstand the conditions without operational
impairment and thus without need of repair or replacement.

b)Emphasis is placed on the material irradiation damage and failure modes by
consideration of:

- the fluence dependence of fracture toughness, thermal fatigue limits and
strain limits to guard against ductility exhaustion.

- swelling and irradiation creep in the deformation rules for functional
requirements.

The irradiation induced increases of the yield and ultimate stresses are not
normally considered for the allowable limit Sm on the primary stresses.
Sufficiently reliable values of the irradiated material strenghts can be
taken into account only if the time at which the max. stresses arise can be
clearly identified. This is the case of primary stresses computation based
on thickness reduction due to sputtering erosion and/or corrosion.

Due to the potential presence of flaws or any crack-like defects (welds,
craters with cracks following disruptions, arcing etc) fracture mechanics
considerations are essential part of the evaluation criteria. For the
elastic case the methods of fracture mechanjc s are within certain
limitations quite well established. Further development and/or
qualification work 1s needed for the cases of extensive inelastic zones and
of large stress gradients at the crack tip.

Fracture mechanics aspects are handled in another presentation of this TAEA
meeting /10/.

Since the determining failure mechanisms are not yet known and because of
the close dependence of the allowable limits on the material properties
which are in continuous state of development, the preliminary structural
design criteria are also to be continuously updated on the basis of the
latest knowledge resulting from the corresponding R & D programmes.

6. Lifetime analysis modeling and computations

In addition to the uncertainties in the material behaviour and in its
mathematical representation, as described in section 4(a), further
difficulties of the FW lifetime analysis arise in the modelling of the
complex geometry and of the complex space and time distribution of thermal,
mechanical, electromagnetic and neutron irradiation loading.

In the first wall design concepts currently studied by the NET Team
(Fig.3), the FW of each toroidal sector consists of an inboard and an
outboard panel with poloidal coolant channels, possibly containing
additional coolant tubes, or alternatively with toroidal coolant tubes.
This global geometrical configuration and the presence of a protection layer
in the form of additional thickness steel with or without grooves, or
mechanically attached or bonded ceramic tiles result in a highly 3-
dimensional geometry.

Thus the total schematization of the inboard or outboard geometry with a
mesh of finite elements, although in principle possible by means of the
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general purpose finite element computer codes, would require an exorbitant
effort even for the simplest case of thermoelasticity and constant loads.
A first problem of approaching the structural lifetime evaluation is
therefore to find a proper combination of global analyses, with 2 or 3
dimensional simplified models, and of 2 dimensional localized analyses.

Fig. 3 Examples of design concepts of NET FW integrated in the blanket
segment box, with (a) toroidal coolant flow /3/ and (b) poloidal

coolant channels and/or U-tubes /2/

The purpose of the global analysis is to investigate the bending behaviour
of the box configuration. Thereby the real FW geometry can be simulated
through continuous shells equivalent to the original panels with respect to
the deflections and membrane plus bending stresses. For the cases of
mechanical and electromagnetic loads the equivalence can be achieved through
adequate choice of the shell thickness and of the 2 different E-Moduli of a
fictitious orthotropic material, thus restoring conservatively the bending
stiffness in both the poloidal and toroidal directions.

The main objectives of the 2 dimensional localized analyses are:

- to compare different protection solutions in terms of temperatures,
steady state stresses, cyclic stresses,

- to identify essential design improvements, e.g. grooves, coolant
channels, location of welds, geometry of the mechanical attachment,

- to investigate the effects of the pulse times, especially dwell times on
temperature gradients and thus on fatigue lifetime through instationary
analysis,

= to obtain the temperature distribution through the cross section for
other considerations, e.g. surface chemistry, tritium permeation,

= to quantify the approximation of simple handcalculations.
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Relatively to these objectives the simplest approach to the localized
analyses is a two dimensional thermocelastic model considering:

- the smallest symmetrical (with respect to geometry, loadings and material
properties) zone of the FW horizontal and vertical cross section,

- plane strain or generalized plane strain finite elements, corresponding
to the assumption of total or partial strain prevention in direction
perpendicular to the considered plane, respectively.

- a translation without rotation of the cut—sites, corresponding to the
assumption of a free lateral expansion without bending, or, more
realistically, displacement boundary conditions derived from the results
of the global bending analyses.

Fig. 4 shows an example of the geometrical schematization for localized
analyses which was used for a parametric study of the NET-FW through the
computer code IAFETIN. To minimize the computational effort an adequate
finite element mesh was selected, so that the geometry of the single case
could be easily obtained with minor changesormaking inactive the elements of
the zones not involved.

Fig. 5 shows some results of the case of an instationary, thermal and
elastic mechanical analyses and the assumed loads histrogram and material
data.

The evaluation of the elastically calculated stress range in the cycle in
terms of allowable number of cycles was made on the basis of the code case
47 fatigue curves (/9/).

From Fig. 5 one can see the conservatism of fatigue considerations based on
the stationary stresses, the large negative effects of
increasing the sacrificial layer up to 10 mm, and the beneficial effect of
every dwell time reduction. The latter is due to a larger temperature
gradient at the end of the dwell time and thus to a lower stress range.
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Fig. 4 Geometry schematization and boundary conditions for a parametric

local analysis of NET FW
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Fig. 5 First Wall parametric local analysis.
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Case of instationary thermal

and mechanical elastic calculation for the ungrooved FW.

7. Summary and conclusions

In

this brief review of the tools and procedures needed for the theoretical

evaluation of the NET first wall design concepts with respect to the
structural lifetime it was attempted to highlight the limitations and the
uncertainties of the correspondent available technology.

The main points can be summarized as follows:

1)

2)

3)

182

Computational methods to determine the structural response in terms of
displacements, stresses and strains are available or easy to be
developed. However the validity of the basic assumptions in the
available mathematical models describing the material behaviour under
conditions of cyclic plasticity, thermal and irradiations creep has to be
verified for the NET materials, loading and environmental conditions.

FW-appropriate swelling and irradiation creep laws are to be still
developed.

Structural design criteria for the evaluation of the calculated
structural response can be derived from existing design codes in use for
fission reactor components. However, the material allowable limits,
relative especially to fatigue, ductilites, fracture toughness will
remain the major uncertainty area in FW lifetime assessments until the



4)

5)

6)

real effects of gas production and neutron irradiation damage on the
material properties are known.

The sputtering rate, the disruption loadings magnitude and frequency are
also a considerable source of uncertainty. However, the lifetime
assessment problem is alleviated if an adequate protection design
solution is found.

The modelling of the complex 3D-FW geometry with a combination of simple
2 and 3D models requires expertise to avoid excessive or insufficient
conservatism and is correspondently, a source of uncertainty.

Inelastic analysis are presently impractical because, in addition to the
above points 1 to 5, they are normally very expensive and time consuming.

Main conclusion is:

Simplified methods for lifetime assessment including extensive
simplifications in the modelling of the geometry, of the material
behaviour and loading conditions or a combination in all these areas are
essential especially in this predesign phase to keep the structural
analysis effort commensurate to the overall predesign effort;

the simplifications should be generously conservative to attempt to cover
at least partially the present uncertainties;

as long as the material behaviour in fusion enviromment (especially the
embrittlement and swelling) is not sufficlently quantified, lifetime
studies are valuable for comparative evaluation of different design
options rather than for absolute service time assessment.
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MATERIAL DAMAGE IN THE FIRST WALL OF
TOKAMAKs BY PLASMA WALL INTERACTION

K. KOIZLIK, H. NICKEL

Institut fiir Reaktorwerkstoffe,
Kernforschungsanlage Jiilich GmbH*,
Jilich, Federal Republic of Germany

Abstract

Materials of the first wall in near fusion plasma machines are subjected to
a complex load system resulting from the plasma wall interaction. These
processes cause life-limiting damage or structural changes in the material.
Investigations of samples of real first wall components from different
TOKAMAKs allow a systematic classification of the induced damage and other
effects. Material tests in an operating TOKAMAK and in suitable laboratory
devices give access to the limiting or critical load above which a first
wall material suffers severe damage or fails due to thermal fatigue.

1. Introduction

During operation, the hot plasma in near-fusion plasma machines and in
fusion reactors interacts with the first wall materials. The plasma wall
interaction, on the one hand, give rise to contaminations of the plasma
with wall material atoms and ions and, on the other hand, causes material
damages. These induced structural changes can be life-1imiting for first
wall components. In special cases, plasma induced material damage can cause
spontaneous failure of a wall component. This is primarily true for high
heat flux components such as limiters and armor tiles.

There exist three typical procedures to come to a valuation of the different

types of material damages and their significance with respect to first wall
life time:

- Plasma wall interaction and the resulting material defects can be in-
vestigated directly by real first wall components or samples of them.

*  Association EURATOM-KFA.
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- Material tests can be carried out in operating TOKAMAKs either by
applying special sample manipulators or by preparing real first wall
components from test materials.

- Special types of plasma wall interaction can be studied with a broad
variability of process parameters in simulating laboratory experiments.

Some typical investigations and experiments and their results shall be dis-
cussed subsequently.

A highly important type of plasma wall interaction remains unconsidered
here and is only mentioned under the aspect of necessary further work on
material damage: the influence of the 14-MeV fusion neutrons on material
lifetime.

2. Plasma Wall Interaction

The complex processes of plasma wall interaction can be examined in two
groups: plasma wall interaction during "normal" or stable operation and
those processes during unstable operation of the plasma, fig. 1.

Two groups of interaction
a ,normal“ operation

pulsed heat flux =3 thermal fatigue
unipolar arcs erosion and
ions/neutrals $ oy
electrons deposition

b unstable conditions

disruptions thermal shock
run-away-electrons and melting/
evaporation

Fig. 1:
Classification of plasma states and effects on materials due to plasma
wall interaction.

The type and intensity of the plasma-wall interaction depends on the one
hand on the component itself - vacuum vessel, liner, limiter -, but on the
other hand also on the mentioned operating state of plasma. Interactive
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mechanisms affecting the vacuum vessel or, for example in the case of the
TEXTOR TOKAMAK, the Tiner, under all operating conditions are

- continuous erosion (sputtering) by high-energy neutral particles, ions
and electrons,

- chemical interaction between the plasma and the first wall, or its
alloying constituents; a typical process is the reaction of hydrogen
and carbon to methane (chemical sputtering) at the surface of the
graphite internals (limiter, armor tiles),

- erosion and evaporation of first wall materials by unipolar arcing and

- thermal fatigue by the pulsed transport of thermal energy in the case
of TOKAMAKs.

Thermally highly stressed components of the first wall such as limiters are
subjected to the same interaction processes as the vacuum vessel and liner
during normal operation of a fusion reactor.

However, the effects on the materials of the limiters are considerably more
intensive even in normal operation since the main limiters extend into the
boundary layer of the plasma. During plasma instabilities or during plasma
states with lTow particle densities the following can occur additionally:

- thermal shock load through plasma disruptions and
- thermal shock loads, material melting and evaporation by "run-away"
electrons.

Furthermore, selective erosion or evaporation at the surface of the first
wall components can cause metallurgical changes which influence, for example,
heat transfer or erosion behaviour. The same is true of the redeposition of
evaporated material from a plasma, whereby surface layers of different
chemical composition and/or different morphology can arise on the firt wall
and its components.

As an example for selective erosion/evaporation, the evaporation of Ti from
TiC-layers on coated first wall graphite components shall be mentioned.
After TEXTOR operation, for example, the TiC-layers are more or less de-
pleted from Ti, whereas the Ti appears in the plasma as contamination.

Some mechanisms of plasma wall interaction are not taken into consideration
in this discussion. They will be mentioned here but not further discussed.
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These include:

- the short-term ability of the surface of the first wall to store hydrogen
which is favourable to a certain extent for stable plasma shots, espe-
cially for concluding the pulse without disruption (soft landing),

- 1influencing the material properties by implanting helium, the "ash" of
fusion reactors, and finally

- changing the material properties by irradation with high-energy fusion
neutrons (14-MeV neutrons).

3. Material damage in first wall components of existing TOKAMAKs

The term "plasma wall interaction" summarizes some typical processes which
affect the surface and - to some extend - also deeper zones of the bulk
material of first wall components, fig. 2.

surface of the
first wall:
plasma: a lons, neutral particies sputterin
— — ————— — —— ——— Gy g
b disruptions, run-away olectron,_< evaporation f
d arcing melting
impunties c ]
rrrachation /—vL metal droplets
losses e redeposition <
{instabilities) \{
thin film j———)
g wone, neutral particies, disruptions
run-away electrons,arcing (thermal load)
h[ mpregnanon] i[agglomeranﬂ

-

Fig. 2: _ _
Plasma wall interaction processes and the resulting effects on the first
wall materials.

The effects on the material (or wall) side range from pure surface effects
like erosion by electrons and ions, fig. 3, droplet deposition - when the
droplets themselves are generated by high energetic processes like arcing

or disruptions/run away electrons -, fig. 4 a, 5 and redeposition of "plasma
born" material which afterwords is submitted to secondary processes by high
heat loading of the redeposition layer, fig. 4 b and 6: the layer can remain
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Fig. 3: ) . '
Sugface areas of INCONEL 600 Timiters in TEXTOR aftgr erosion by ions (ion
drift side) - above - and by electrons (electron drift side) - below -.

a) deposition of liquid metal droplets b) atomic deposition by condensation

Fig. 4:

“DropTet model" of redeposited material

in TOKAMAKs

a) direct droplet deposition e.q. after
high heat flux events and/or arcing

b) impregnation or droplet formation by
thermal loading of a redeposited layer

impregnation agglomeration
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Fig. 5:
Metal droplets on long term samples in the first wall of JET (a, b), and
metallographic section through such a very large droplet (c).

more or less unchanged, it can agglomerate to small droplets, fig. 6 a, or
it can impregnate the near-surface bulk of the resp. component material,
fig. 6 b. The type of these secondary processes is determined by the dura-
tion and amount of subsequent heating of the redeposited layer, on the one
hand, and by the surface energy in the concerned surfaces of layer and sub-
strate,

A1l surface-affecting processes cause severe changes of the material proper-
ties and thus give rise to lifetime decrease. This is especially true for
lifetime reduction of thin coatings by erosion and droplet-enhanced arcing
and for serious changes of material properties by impregnation processes.

Very severe, long-range material damage is caused by plasma disruptions and/
or run-away-electrons, fig. 7. The interaction process is a type of thermal
shock loading with pulse durations up to some 10 ms and power densities -
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Fig. 6:

Trgnsformation of a redeposited metal layer on a first wall component by

high heat flux loading

a) droplet formation by agglomeration after heating of the redeposited
layer in an arcing trace (Doublett III armor tile)

b) impregnation of a near-surface zone by redeposited materials and
cracking in a SiC + 2 % AIN limiter sandwich in TEXTOR (in pile -
TEXTOR material test).

of course, depending on the special event and on the type of plasma machine
- few 100 MWm=2, This thermal shock loading results in large area melting,
dendritic recrystallisation, and cracking. Subsequent disruptions and run-
away-electron events to the same area of a first wall component produce
deep multi-layer remelt zones, fig. 8.

4, Material tests in the TOKAMAK TEXTOR

An important possibility for studying lifelimiting effects of plasma wall
interaction on selected materials are in pile tests in existing TOKAMAKs,
such as TEXTOR. For some first test series a sandwich limiter is used for

screening tests of different coated and uncoated metallic alloys and cera
mics.

After a series of plasma discharges the test limiter shows the typical
plasma attacks: arcing, erosion and redeposition, droplet formation and
material impregnation, fig. 9 and 10. It is interesting that the unipolar
arcs running over the surface of the sandwich limiter seem to "jump" over
the non-conducting ceramic sandwiches after having burned deep craters at
the boundaries between metal and ceramic causing severe chipping of the
ceramic, fig. 11.
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Fig. 7:
Meitea area in the surface of an

INCONEL 600 limiter from TEXTOR
after thermal shock by run-away-
electrons:

a) surface area with arcing traces
and thermal shock induced cracks
metallographic section through
the melted and recrystallized
zone; no temperature effects on
crystalline structure of the
material are visible below the
melted area due to the short
pulse duration of the event
dendritic surface recrystalli-
sation and thermal stress
cracking.
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Fig. 8:
Muiti-layer remelt zone by several successive high heat load events (dis-
ruption/run away electrons) to the same area of a 1.4311-alloy limiter in
TEXTOR.

This experimental procedure is especially interesting for material tests
under normal plasma conditions. Under the elevated loading of the material
sandwiches in a limiter position, bulk ceramics showed very bad, thin
coatings such as TiC or Cr2C3 acceptable behaviour even under the moderate
plasma wall interaction of normal plasma discharges, fig. 12.
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g. 10:

1.4311
IN60O

POCO
IN60O

EK98+Cr2C3

IN 600
EK98 +TiC
IN60O
IN625+TiN
IN60O
ROSINIT
IN 600
ALN
IN60OO

AS -BN

IN60O _
SisiC Sandwich limiter after in pile

IN 600 test in TEXTOR after about 80
14311 plasma discharges INCONEL 600
: acts as a reference material.

Cross sections through sandwich-samples after TEXTOR test:
a) droplets on the surface of a BN-sample
b) impregnation and cracks in a SiC + 2 % AIN-sample
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Fig. 11:

Detail of sandwich limiter after TEXTOR test, deep crater at the end of
arcing trace at the boundary metal-ceramic on the metal side and severe
chipping on the ceramic side.

Fig. 12:

Material sandwiches after in pile test in TEXTOR: severe surface cracking
by normal plasma operation in a SiSiC-sample (above), few cracks more or
less vertical to the surface in a CrpC3-layer on a graphite sample (below).
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5. Laboratory tests of material behaviour

Isolated loading processes out of the complex real system of plasma wall
interaction can be applied to first wall materials in special laboratory
tests. Besides this advantage of studying isolated damaging mechanisms, the
most important aspect is the possibility of varying the process parameters
over a very wide range to find the critical or threshold values of inter-
action processes above which Tife-limiting material attacks occur.

As far as the maximum thermal power density for thermal shock tests is con-
cerned two realistic laboratory test procedures are available, namely the
electron beam test and the material test in a neutral particle/ion hydrogen
beam, for example in a neutral beam injector test facility. Both can fulfil
the conditions of maximum thermal power density up to few hundred MW/mZ,
pulse durations few ten ms and maximum energy deposition to the sample sur-
face up to 100 MJ/mZ2, Both meet also the requirement of sufficiently large
sample sizes and test areas, resp., of up to few cm? in the case of elec-

tron beam test and some 100 cm? in the case of neutral particle/ion beam test.

With more moderate parameter combinations, power density up to 1 MW/mZ,
pulse duration up to few seconds, that is the normal plasma discharge time
in a TOKAMAK, and total energy depositions to the sample surface up to

10 MJ/ng the thermal fatigue behaviour of materials can be tested, also by
the two already mentioned test procedures. For this purpose, a sequence of
pulses is applied to the material, interrupted by realistic cooling down
times. For these tests, a third procedure is available, too, namely the
material loading by infrared electromagnetic radiation by suitable types of
Tamps.

Thermal fatigue tests under independent variation of applied number of
pulses and thermal power density, with fixed parameters of pulse duration
and pulse spacing time, give for each investigated material the connection
between power density loading and maximum tolerable number of plasma dis-
charges - pulses - before life-limiting effects or other material damage
occurs.

Electron beam tests are also useful for studying the erosion behaviour and

possible segregations and preferred evaporation of single alloying consti-
tuents in candidate first wall materials.
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Fig. 13:
A graphite sample (above) and a SiC-sample (below) after one shot electron
beam test (100 WM/m=2, 0.1 s).

Fig. 14:
TiN-coating after a one shot electron beam test (100 MW/m'Z, 0.1 s).
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Some typical results of thermal shock behaviour of materials in an electron
beam test are given in fig. 13 and 14, showing the erosion of graphite, the
severe cracking and chipping of SiC, and the total destruction of thin
coatings by a single thermal shock event - the parameters of these experi-
ments were 100 MW/mZ and 0.1 s pulse duration.

A possible way of quantifying these results is given in fig. 15.
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Fig. 15:
Critical heat loads which cause sample surface fracture for different
qualities of SiC; electron beam thermal shock tests (one shot experiments).

The quantification of thermal fatigue behaviour can be realized in a similar
way by plotting the critical heat load density in a diagram "heat flux
(MW/mZ) versus number of pulses" for each candidate material and for pulse
lengths equal to the discharge durations of a resp. plasma machine (e.g.
TEXTOR 2 s, JET 20 s...). For these experiments the power density varies,

as has been mentioned above, in the range for normal plasma discharges,

i.e. between 5 MW/m2 as an upper limit and ...0,1...MW/m% as a lower limit.

It is, of course, necessary to quantify the term "critical heat load", that
means to quantify the material damage caused by plasma wall interaction:

- erosion depth,eroded area and amount of eroded material per unit area,
- chemical composition of eroded material (preferential erosion)'
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- depth and size of melted area,
- total crack length and depth of cracks,
- type of cracks (vertical/parallel to surface).

This work is under preparation in the Institute fiir Reactor Materials in

the Nuclear Research Center in Julich.

6. Conclusions

By plasma wall interaction, the first wall materials can change their struc-
ture and their chemical composition and thus also their material properties.
These effects can influence only a very thin surface zone - few pm thick -
or, and that is obviously the case that is mostly found, affect after few
plasma discharges already a relatively extensive part of the first wall
material. So it seems necessary to consider plasma wall interaction e.g. in
mathematical/theoretical models quantitatively by adjusted variations of

the material property values.
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MECHANISMS OF WALL EROSION IN FUSION DEVICES

R. BEHRISCH

The NET Team,

Max-Planck-Institut fir Plasmaphysik,
Garching near Munich

Abstract

Owing to the limited particle confinement in magnetic fields, the walls of
high-temperature plasma experiments and future fusion reactors are
subjected to bombardment with high currents (1014 to 1019 cm-2 s-1) of
plasma ions, electrons and atoms with energies in the 10 eV to 3.5 MeV
range. As the plasma electrons have a higher velocity than the ions a
sheath potential of about 3 kTo builds up which accelerates the plasma ijons
toward the walls and reflects Tow energy electrons. In unstable discharges
runaway electrons produce heat pulses at the wall and electric arcs can be
ignited and burn between the plasma and the wall surfaces.

These different l1oads lead to erosion of the solid walls facing the plasma.
The major processes are: physical sputtering, chemical sputtering,
sublimation (which may be enhanced under the particle irradiation) melting
and evaporation as well as erosion by electric arcs. Furthermore the
thermophysical properties of the wall material may be degraded owing to
deposition and implantation of ions from the plasma and the thermal pulses
and microscopic debris, or even larger pieces may break off at the walls.
They can partly evaporate after entering the plasma or fall onto the bottom
of the discharge vessel,.

Only a fraction of the material released at the walls can enter the central
plasma, where it adds to the impurities. The other part is redeposited
mostly close to the area of erosion. The wall atoms which have penetrated
into the plasma finally also return onto the vessel walls.

The major erosion processes and the redeposition observed are reviewed and
their importance in today's tokamaks is assessed.

I. INTRODUCTION

The lifetime of the first wall in a fusion reactor will be Timited owing to
the damage caused by the energetic neutron bombardment and the temperature
fluctuations owing to surface layer modifications caused by interaction
with the hot fusion ptasma. Thus, the first wall will very likely be
degraded much faster than the structural materials of the reactor. In order
to obtain information about the Timitation of the 1st wall lifetime due to
the surface layer modifications various ways are followed:

- Investigation of 1st wall modification and of the boundary plasma
causing them in today's tokamaks, stellarators and
the other high-temperature plasma experiments.

- Investigations of the atomic processes that contribute to these 1st
wall modifications in separate experiments and collection of a
reliable data base.
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- Extrapolations from this knowledge to the boundary plasma parameters
and the conditions at the first wall in a future fusion reactor.

In today's plasma experiments the first wall is already deliberately
modified before the main plasma discharges are started. In order to remove
surface layers due to machining, assembling and washing of the vessel or
adsorbed during opening of the vessel, low-density glow discharges or low-
power plasma discharges are performed /1/. Besides removing loosely bound
adsorbates, this discharge conditioning can damage the walls by ion
implantation, arcing and sputtering and may cause a redistribution of the
wall materials on all surface areas of the vessel.

The wall modifications occurring during normal plasma discharges in today's
experiments are determined by plasma temperatures, densities and
confinement times, which are still a factor 1.5 to 3 below those needed for
a fusion reactor. Furthemore, the discharge times are only of the order of
seconds and the times between discharges are relatively long. A1l wall
modifications observed today are therefore caused by a plasma with reduced
parameters, and they can be largely dominated by the start-up and shut down
phases of the plasma discharge.

Finally, the plasma experiments are performed partly with the aim to extend
the operation regime. The plasma parameters are pushed to higher plasma
densities and temperatures by different schemes of fuelling and additional
heating. Many discharges are thus unstable or are terminated by a plasma
disruption. This generally causes for a very short time a large local power
deposition, and several wall modifications occur during such badly
controlled discharges.

For understanding the different processes contributing to the 1lst wall
modifications detailed time-resolved measurements of the plasma conditions
near the walls, the particle and energy fluxes to the walls, and particle
implantation, erosion and deposition have to be performed. The atomic
processes contributing to these wall modifications have to be known in the
relevant parameter range.

The following contribution will concentrate on those atomic processes which
are a necessary basis for understanding the 1st wall modifications in
today's experiments and for extrapolation to the next generation of
experiments.

II. MECHANISMS OF WALL MODIFICATIONS

The modifications of the first wall in high-temperature plasma experiments
are caused by particle bombardment and energy deposition as well as by
electric fields which build up between a plasma and solid surface. The
major processes to be considered are:

1) Surface erosion by physical and chemical sputtering due to wall
bombardment with energetic ions and neutrals.

2) Sublimation, local melting, evaporation and droplet emission at
overheated areas due to very local energy deposition.

3) Cathode spots from electric arcs on the 1lst wall due to electric
fields which develop at the plasma-solid transition.

4) Microparticle emission due to 1lst wall modifications by ion
implantation, thermal stresses and shocks.
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In the following, the physical basis of these processes is briefly outlined
and their contribution to wall modification in fusion devices is discussed.

1) Sputtering

Sputtering is the erosion of a surface due to energetic particle
bombardment. Different processes can contribute to erosion, such as
physical sputtering, chemical sputtering and radiation-enhanced sublimation

/2-5/.

a) Physical sputtering

Physical sputtering is caused by collision cascades in the solid that are
initiated by the incoming ion. If an energy larger than the surface binding

energy is transferred to a surface atom in the direction normal to the
surface it will be emitted, i.e. sputtered (fig. 1) /5,6/. There is a

threshold energy for sputtering below which the energy transfer to a
surface atom is smaller than the surface binding energy.
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Fig. 1

LATERAL SPREAD (A)

Collision cascades in Nickel for the incidence of
eV Ar+ ions (top) and 2 keV He*-ions (bottom).

The trajec-

tories calculated with the computer simulation program TRIM
are shown in the projection on the plane of ion incidence.
At bombardment with Ar+ two atoms are sputtered while for He
bombardment one atom is sputtered /5, 6/.
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Fig. 2 Measured sputtering yields for Be, C and Ni for normal ion
incidence at different energies /3-7/. For Ni the results of
different analytical fitting formulae are shown. The solid 1ine
corresponds to equation (1).

Sputtering is a very general phenomenon which is observed during any
energetic particle bombardment /2/. It can only be avoided by reducing the
bombardment energies below the threshold energy for sputtering (between 20
to 40 eV for hydrogen and half of these values for deuterium). It can be
reduced by increasing the surface binding energy.

Sputtering yields, their dependence on the bombardment energy and angle of

incidence, as well as the energy and angular distributions of the sputtered
material have been investigated for many elements /2-9/. The yields for
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light ion sputtering of Be, C and Ni and their energy dependence are shown
in fig. 2a-c. However, there is still a Tack of many important data such as
the distribution of the sputtered atoms and the yields for other solids in
the parameter range of interest for fusion research.

An analytical formula for the dependence of the sputtering yield Y of
single-element solids, on the incident energy E, covering 1ight and heavy
jon bombardment at normal incidence has been proposed /5,9/:

Y(E ) = = M1M§/3 . 212, R s (¢) £ (22 [Rtoms (q)
0 U0 (M1+M2) M§/3 (Z§/3+Zg/3)1/? Ry ™n Eth 10n

where My, Mo, Z1, Z> are the masses and atomic numbers of the incident ions
and the target atoms, U, is the surface binding energy, Rp/Ry = kMp/(Mp +1)
is a measure of the number of surface crossings if the cascade is initated
in an infinite medium with k between 0.1 and 0.4, s,(c) is a fit to the
universal nuclear stopping power function given by

3.44 Ve log (e + 2.718)

s _(€) (2)

n

1+ 6.35 /e +¢(6.882 Ve - 1.708)

with ¢ being the reduced energy

M
e = 32.55 1 E, (keV) (3)
2/3 ,2/3,1/2
and (My*My) Z,Z,(Z2)77+2,"7)
E E,. 2/3 E. 2
F(2) = - () Ty -t (4)
Ein & B
where E¢p is the threshold energy for sputtering given by
U M
-0 for ﬁl < 0.2
y(1-v) 2
Eth= (5)
8U (M1 o0 My |
o ‘M) for +— > 0.2 .
2 M2

and Y = 4M{Mp/(M1+M2)2 is the energy transfer factor. The yields calculated
with formula (1) are also introduced as black lines in fig. 2a-c and there
is good agreement within the uncertainties of the experimental values /8/.

Generally, the first wall is made out of an alloy. Here preferential
sputtering is observed, especially for 1ight ion bombardment, i.e. one
component is sputtered faster than the others. At temperatures where bulk
diffusion occurs a relatively thick surface layer can be depleted and the
thermophysical properties are modified /2/.
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b) Chemical sputtering

For bombardment with ions, which form a volatile compound with the atoms of
the solid, the erosion yield can be enhanced in a certain temperature range
owing to the formation and release of molecules. Such a chemical sputtering
effect has been observed especially for hydrogen ion bombardment of carbon
in the temperature range between 4000 and 9000 C (fig. 3) /2,3,5/. An
enhanced erosion yield and a peak in the CHy formation were measured. The
enhanced erosion is less pronounced for carbon containing a few per cent of
metal, boron, or silicon (SiC) in the surface layers. There is an
indication that the relative contribution of chemical sputtering of carbon
is also reduced on bombardment with high hydrogen ion current densities.
For oxygen bombardment of carbon chemical sputtering effects are not so
pronounced /2,3,5/.
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Fig. 3 Temperature dependence of the
sputtering yield of Carbon, C+SiC and
C+B /3,5/.

¢) Radiation-enhanced sublimation

During particle bombardment of carbon at temperatures above 10000 C the
erosion yield was found to increase with temperature, independently of the
chemical nature of the incident ions (fig. 3). This effect has been
observed up to now only for carbon and was explained by the damage created
in the solid by the ion bombardment. Interstitial atoms produced in the
solid which diffuse to the surface may immediately evaporate /5,8/.

This model predicts that radiation-enhanced sublimation is reduced at low
bombardment energies, i.e. at energies below about 100 eV (fig. 4)/8/.
Experimentally, no influence was found for Si or metal admixtures in
carbon, as was observed in chemical sputtering. This may be either due to
evaporation of the admixtures at the surface or due to diffusion into the
bulk at temperatures above 10000 C so that only a clean carbon surface is
exposed to the bombarding ions /5/.
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Generally physical sputtering by hydrogen ions is a low-yield process

(v 10-2 atoms/ion), whereas the yields for chemical sputtering and
radiation enhanced sublimation as well as those for heavy-ion bombardment
can be considerably larger, i.e. of the order of 0.1 to 1 atoms per ion.

2) Sublimation evaporation, melting and droplet emission

If a surface is heated to temperatures close to the melting point,
sublimation may become important. The sublimation yield # is given by
/10/

22
AT = o 2200 p(ry  (toms, (6)

Here o is the sticking probability of metal atoms on the surface, p(T) is
the equilibrium vapour pressure in mbar at temperature, T and M the atomic
mass of the solid. Evaporation yields for Be and C are shown in Fig. 5
assuming o = 1, /10/.

If the surface of a thick solid is heated by a pulse of energy for just a
short time 7, the temperature increase, AT = Tp-T; is given by

AT=-2_  f/T (7)

YTpc k
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where p is the density, ¢ the specific heat, k the heat conduction and F
the power flux. This gives an evaporation per pulse /11/ of

2T, k, T

I 2 B 2 atoms
n= M) g v Co (&)

where, kg is the Boltzmann constant and AH the heat of sublimation per
atom.

Evaporation yields during heat pulses were recently determined
experimentally, giving reasonable agreement with the simple formula (8)
/12/. For very large heat pulses the vapour cloud formed during the pulse
can absorb part of the incoming energy at the end of the pulse. It will
shield the surface from excessive heating and thus reduce the evaporation.

If the heat pulse F YT leads to melting at the surface, liquid material can
be released owing to the pressure on the melt layer or to gravity. Carbon
melts only at pressures above 100 bar and temperatures above 40000 C /13/,
thus just a large sublimation is observed at high heat loads /11, 12/.
Thermal pulses can further degrade the material by inducing cracks. The
depth and the width of the cracks depend on the thermophysical properties
of the material and on the deposited energy as well as the deposition time
/11, 14-16/.

3) Cathode spots from electric arcs /3, 17-20/

An electric arc is a very short and concentrated plasma discharge with
currents of 10 to 100 A between two electrodes. The electron-emitting
cathode spot with a radius of a few sum is heated by ion impact from the
arc plasma and by the concentric current in the cathode. Metal erosion
from the cathode spot provides the ions for the plasma, so that the arc
also burns also in high vacuum. Such cathode spots are initiated by field
emission from dielectric layers or, at clean surfaces, from protrusions.

210



Electric arcs always ignite if the electrical field at a surface is larger
than a critical value which depends on the surface conditions. The arcs
generally burn for about 100 Jus at one cathode spot. When the cathode
crater gets too large, the arc spot moves to a new area. In a magnetic
field the movement occurs in the retrograde direction, i.e. opposite to the
JxB force.

The material eroded from the arc spot consists primarily of the ions from
the arc plasma, which amounts to about 10 % of the electron current. For
metals T1iquid droplets about 10 sum in diameter are emitted toward the
sides.

Droplets become important especially at high cathode temperatures. Erosion
yields thus increase with temperature (fig. 6) /21/. For carbon droplet
emission has not been observed because carbon does not melt under normal
conditions.
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4) Microparticle emission

The implantation of high fluences of hydrogen ions into the surface layers
of a solid leads to a build-up of large stresses and can severely
embrittle the materials. Furthermore the deposition of material from the
solid or of a getter material or a coating will produce a surface layer
which is generally less tightly bound to the substrate and may be very
brittle. Thermal shocks, ion implantation or mechanical shocks can lead to
the release of microparticles by flaking.

ITI. WALL MODIFICATIONS IN FUSION DEVICES

A1l erosion processes described in the previous section have been observed
at the vessel walls in today's high-temperature plasma experiments. The
eroded material enters the boundary plasma and partly penetrates into the
central plasma. Finally, it is redeposited on some areas of the first wall.
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Table 1: 1. Wall Processes in Fusion Devices

Event |discharge |down time Start Start dis- |flat top |additional burning current ' fburning|shut down
condi- between Btor charge OH dis- heating to plasma drive plasma |current
tioning discharges current charge max. Ti::T >12 keV and density

and density temperature < ?b1014 decrease
increase P
sec cm” 3

plasma | low - poor stable plasma stable Tow reduced
density - plasma discharge | may become plasma, density plasma
plasma confinement unstable high wall plasma confinement

load:
plasma
particles,
a -particles
14 MeV neutr.
Tt

wall desorption| degassing | mechani-| sputtering |sputtering|sputtering sputtering sputtering, sputtering,

effects] of surface| of walls, |cal by ions & by ions & |by ions & by ions & arcing, arcing,
layers, surface stress, | CX-neutrals, | CX-neu- CX-neutrals | CX neutrals droplets, run-away
ion implany reactions,{micro- desorption |trals (high energy) (high energy)| micro- electrons,
tation, wall parti- (adsorbates)) desorpt. |run away wall temp. particles wall cooling
sputtering | cooling cles arcing, (contam. |electrans, increase,
arcing droplets walls) heat pulses, | evaporation,

droplets, desorption
arcing arcing?
At
today |10°-10% | 500 1 0.3-3 1-10 0.5-5 3
times -
(s) fus1gn 5 6 2.4 104 5-50 3-30
reactori 10°.10 200 10-100 | 3-300 1-10 5-50 (5-10 min)
-
10°-10 (1-100 days)




The amount of eroded and redeposited material largely depends on the
geometry of the first wall, on the parameters of the plasma discharge, such
as the plasma density, plasma position and their fluctuations, and on the
fuelling and particle exhaust schemes. In addition, major plasma
disruptions can give rise to more intense wall damage than many days of
normal discharges. Generally, on all wall areas both erosion and
redeposition of wall material has been observed /22,23/. However, on areas
close to the plasma, such as limiters, erosion dominates, while on more
remote areas deposition dominates. /23/.

The possible importance of different wall processes during the phases of a
plasma discharge are schematically summarised in Table 1. During condition-
ing and start-up, desorption and degassing seem to be important, while
sputtering probably dominates during plasma discharges. Up to now the wall
processes are still not extensively investigated in plasma experiments.
Detailed measurements are being performed only at few selected wall
positions, and extrapolations to the other wall areas have to be regarded
with caution. Changes of larger areas of the walls and limiters have been
investigated only by integration over many discharges. A discussion of
these wall modifications observed in JET is presented in the following
contribution /31/.

Sputtering

The vessel walls are bombarded with ions and neutral particles from the
plasma. As the ions flow mostly along the magnetic field lines, they impact
predominantly on areas where magnetic field lines intersect the vessel
walls. The fluxes are largest near the central plasma and amount for
hydrogen to 1015 to 1019/cm2z s. The impurity fluxes are a factor of 10 to
1000 1ower, depending on their concentrations in the boundary plasma. The
energy of the ions is about 2kTj + 3.5qjkTe, where T, and T_ are the ijon
and electron temperatures and qi is the charge of thé ions.®The second term
originates from the acceleration in the sheath potential.

Owing to recycling and charge exchange processes, especially for hydrogen,
an additional flux of neutral hydrogen atoms hits the wall. The total
neutral flux has about the same intensity as the ion flux but is more
uniformly distributed. Only on areas of strong recycling and around the gas
inlet are the neutral fluxes enhanced. The neutrals have a much broader
energy distribution, with average energies close to those of the ions
/24,25/.

Physical Sputtering

Physicals sputtering is caused by the hydrogen ions (in a fusion plasma
also by helium ions), by energetic neutrals as well as by impurity ions
such as oxygen and by ions from the wall material. It is still an open
question which particles make the major contribution. For a clean plasma
sputtering by hydrogen (deuterium and tritium) should dominate /26/. On
1imiters and wall areas perpendicular to the magnetic field, ion sputtering
is 1ikely to dominate, while on areas parallel to the magnetic field
sputtering by CX neutrals is important.

In ASDEX direct erosion measurements averaged over several discharges have
shown that of the order of 3 - 1013 Ni atoms/cm2 s have been eroded on
first-wall areas parallel to the magnetic field, while it is more than an
order of magnitude more on areas perpendicutar to the magnetic field. The
erosion probes were positioned in the shadow of a protection limiter
outside the boundary plasma flowing into the divertor /24/.
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JET - Bellow protection plate (inconel)

Fig. 7 Surface features on the inconel bellow protection
plates used in JET during the 1984 operation period.

Top left : traces from electric arc.

Top middle: Cracks due to thermal shocks, surface melting,
surface debris and metal splashes.

Top right : a cut perpendicular through the surface
showing that the surface crack penetrates about 30 um.



If we take for a fusion reactor a wall flux of 1016 to 1017 deuterium and
tritium ions and neutrals per cm2 s, an value of 1014 wall atoms are eroded
per cm?2 s, Just hydrogen sputtering would give a total erosion at the walls
of 102 to 103 kg per year. The sputtered material are mostly neutral atoms
with energies in the eV range. They are finally deposited or implanted
mostly non-uniformly on the different wall areas.

Chemical Sputtering

In today's tokamaks mostly carbon is used for limiters and protection
plates. However, the contribution of chemical sputtering to erosion is
still contradictory. A possible reason for this is the very high hydrogen
flux density and/or the metal deposition found on all carbon samples after
being in a tokamak for a few discharges /5/. Further atoms and molecules
released by chemical sputtering generally have low energies, i.e.
corresponding to the wall temperature. These low-energy particles are
probably ionised very effectively in the boundary plasma and will be
redeposited at near-wall areas and will not enter the central plasma.

Radiation-enhanced sublimation

At a carbon probe in PLT a very high erosion was found on an area where
energetic particles from loss cones hit the walls. This effect has been
explained by radiation-enhanced sublimation /27/.

Subtimation, melting, droplets

In today's high-temperature plasma experiments typically 5 to 10 % of all
discharges are unstable and are partly terminated by a disruption. The
densities of the locally deposited power may reach up to several kW/cm for
times of the order of ms.

During such plasma disruptions major wall damage, i.e. large molten areas,
the release of metal droplets from the first wall and surface cracks, have
been found (fig. 7). A fusion reactor may have to be designed to survive a
few of these disruptions, and they will probably 1imit the 1ifetime of the
first wall. It will be necessary to find schemes for carefully controllig
the plasma in order to avoid hard disruptions.

Electric arcs

Electric arcs can be ignited at the vessel walls if the electric field is
above the critical value depending on the surface state. The electric field
of the Langmuir sheath potential is generally not sufficient to ignite arcs
at a clean surface in today's plasma experiments. Arcs are ignited at
contaminated surfaces and/or during unstable plasma phases by runaway
electrons or by magnetic islands touching the limiter, the divertor plates
or the vessel surface. Detailed measurements have shown that arcs burn
during current ramp-up of a tokamak, during additional heating, during the
current ramp-down as well as during unstable plasma phases. Generally,
traces of cathode arcs are found on all areas of the vessel which are not
too remote from the plasma. (fig.7) .

The material released consists primarily of ions from the arc plasma. Most
of them will be redeposited on the vessel walls before entering the central
plasma. The molten droplets emitted by arcs from metal surfaces,
especially at elevated temperatures, are found in large numbers as small
metal splashes on the first wall (fig. 8) /22,23/.

215



Fig. 8 top: Cracks on the surface of a carbon mushroom limiter
from ASDEX, .

bottom: Flaking of a Carbon layer deposited on the sides of the
Carbon limiter of JET (1985 operation period).

In a future fusion reator the erosion by arcing at first-wall components
such as limiters may become a crucial problem when the densities and
temperatures of the boundary plasma are increased compared with those in
current plasma experiments,

Microparticle emission

In plasma experiments where the vessel walls had been covered with
evaporated Ti for gettering of impurities, the plasma discharges
occasionally showed abnormally high impurity concentrations. In filming the
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plasma of such discharges sometimes bright objects, UFO's, have been found
/28/. The number of these bright objects is drastically increased when
referred to as at the vessel was hit with a hammer during a discharge. This
indicates that the objects are small metal flakes which very likely
originate from the getter layer evaporated on the vessel wall. Such bright
objects were considerably reduced in number when the vessel walls were
cleaned from all Toosely bound material.

However, after an extended discharge period, the surface layersof the first
wall are transformed. A new surface layer is formed owing to condensation
and implantation of material from other wall areas and to simultaneous
erosion. Furthermore, droplets and splashes are deposited /29, 30/. The
surface layer is modified by the implanted hydrogen and helium and by
thermal pulses and we may assume a rough surface topography. Some examples
are given in figs. 8 and 9 showing carbon limiters from ASDEX and JET /31/
and a TiC-coated Poco graphite limiter from ISX /32/. Such modified
surfaces may be again a source of microparticles released at mechanical or
thermal pulses.

Fig. 9 Cracking and melting of a TiC coating on the
carbon mushroom Timiter used in ISX /32/.

IV. SUMMARY

From the different processes contributing to first-wall modification and
the examples given from today's fusion machines it is not yet possible to
make definite predictions of the Tifetime of the vessel components in
future fusion reactors.
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Even if hydrogen sputtering is the only wall erosion mechanism a total
amount of about 10¢ to 103 kg of wall material can be removed per year and
will probably be redeposited on other wall areas. Especially at limiters,
divertor plates and other comparable areas exposed close to the central
plasma, erosion and net material loss will most 1ikely dominate as found in
today's experiments. There will be few areas where wall material erosion
and redeposition just balance. The erosion processes which occur
predominantly during plasma instabilities, i.e. sublimation and
evaporation, melting and droplet emission, arcing and microparticle
emission, may represent mechanisms even more severe than sputtering in
1imiting the Tifetime of the first wall in a fusion reactor.
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Abstract

The study of plasma wall interactions serves two interrelated
fields in fusion research: Impurity release and transport from the
walls of the vacuum chamber into the plasma and wall erosion and
damage done by the plasma.

The first is a serious problem for plasma discharges in todays
fusion devices (see for example /1/) whereas the second becomes
more important with the increase of input power into large
machines, such as TFTR, JT60 or JET.

In JET specific diagnostics have been used from the start of the
operation to monitor the variation of the wall state after long
term tokamak operation (typically half a year). One of the main
purposes 1s to quantify the amounts of eroded and redeposited wall
and limiter material and to investigate its redistribution in the
vacuum vessel. On limiters this has been performed after each
operational period whereas the wall investigations started after
the 1984 period, giving for the first time an overview of wall and
limiter changes dependent on different operational periods of a
large tokamak. Some of the important and relevant results are
reported here.

I) EXPERIMENTAL METHODS AND CONDITIONS

Two experimental methods are employed: 1) Post mortem analyses of
the JET carbon limiters by surface analysis techniques (described
below). 2) Exposure of wall long term samples (LTS) to the
plasma. The LTS have been evenly distributed across the vessel
wall during shutdown periods and were later on taken out in
subsequent shutdowns to undergo surface analyses.

Four different sample materials were used: Carbon - to detect
deposited metals; Inconel 600 - to detect deposited carbon and to
see how the wall material (inconel 600) changes; Silicon, Nickel -
to have a well known material for further fundamental studies (not
reported here).
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Fig.1 shows one of the four JET carbon limiter consisting of 8
tiles. Apnalyses have been performed at the bottom of tile Y4 which
is the location of the plasma midplane.

FIG.1l: A JET Carbon Limiter

Fig.2 gives an impression of the relative arrangement of limiters
and LTS. The latter were all placed well in the shadow of the
bellows protection plates.

7 i

Long term
/- sample
Long lerm
sample Cartgon Port
Byor coils  limiter 20 cm
Inconet wall Inconel bellow Ni - limiter

protection plates

JET - VESSEL

FIG.2 Local arrangement of limiters and wall long
term samples (LTS)
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The analysis techniques were: Proton induced X-Ray Emission
(PIXE) to detect mainly deposited metals up to a depth of about
10um on a carbon sample; Backscattering Spectroscopy to measure
deposited carbon on metal samples; Scanning Electron Microscopy
(SEM) to get a qualitative impression of the deposit topography;
Sputter Auger Electron Microscopy to look at the very surface
composition of a sample and to perform depth profiling. Besides
these techniques visual inspections of the torus wall were
performed in shutdown periods in order to reveal macroscopic
damages.

The experimental periods after which investigations were carried
out can be characterised as follows:

i) 1983, about 200 flat top plasma discharges, a maximum plasma
current of 3MA and a discharge time of up to 10s.

ii) 1984, about 400 flat top plasma discharges, a maximum current
of about 4MA and up to 15s discharge time.

1ii)1985, roughly 900 flat top discharges, currents of up to 5MA
and up to 20s discharge time.

In 1984 and 1985 wall carbonisation was performed to study the
effect of an all carbon wall. Carbonisation is carried out by
adding a few percent of CH, to a glow discharge in hydrogen. This
deposits carbon on the walls of the veéssel /12/. 1In 1985 the
inside wall was covered with carbon tiles (see Fig.5) and first
tests of RF heating were performed with a maximum RF-power of 4MW
for two seconds. Typical ohmic heating powers were 3 to 4MW.

II)RESULTS

1. Erosion and Redeposition of Wall Material

1.1 Metals Visual inspection of the torus wall after the
1984 experimental period revealed three regions with different
surface features /2,3/:

(i) The inside wall was heavily damaged by massive melting
processes.

(ii) Top and bottom of the vessel showed mostly arc tracks.
(iii)The outside wall was not significantly changed indicating
the protective action of the limiters which have been

placed there.

Most of the damage was observed on bellows protection plates,
covering the rigid sector junctions. The wall itself, about
6ecm behind, was much less affected. The distribution of
deposited wall material as found on carbon LTS (see Fig.3),
shows a correlation to the damage distribution: maximum
deposition on inside wall LTS. Toroidally differences are
smaller than poloidally.

Results from the 1985 period, also shown in Fig.3, indicate
different toroidal and poloidal distributions. In particular
the metal ratio of Fe/Ni+Fe+Cr, Fig.4, differs significantly
from its inconel value except at the bottom of the torus. The
excess deposition of iron was due to the melting and
evaporation of a stainless steel containing Langmuir probe hit
by runaway electrons /3/. Comparing absolute amounts of Ni
(which may serve as an indicator for wall erosion) no major
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differences between 1984 and 1985 could be detected especially
not at the top side of the wall /3/. Mo, surprisingly found
on limiters and walls after the 1983 and 1984 period, has been
acgidentally introduced into JET by contaminated limiters.
Before the 1985 period they were thoroughly cleaned, thus no
Mo appeared on the 1985 LTS. Mo was found predominantly on
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the outboard wall LTS of 1984, which is the same poloidal
position as that of the limiters.

1.2 Non metals The most abundant impurity in the JET plasma
(2-3 is carbon. Comparing the inconel LTS analyses of 198}
and 1985 Fig.5 shows an enhanced deposition during 1985 owing
possibly to the enhanced carbonisation carried out during
1985. 1In contrast to metals carbon is sensitive to chemical
reactions with hydrogen which complicates erosion and
redeposition phenomena. Recent results /4/ indicate a
stronger deposition of carbon at the outside wall than
elsewhere, similar to the Mo distribution in 1984,

&

FIG.5:

Distribution of carbon
as found on Inconel LTS

(amounts in atoms/m?)

Chlorine was also found at wall samples of the 1985 period.
Typical amounts were below 102?°atoms/m?. The origin of
Chlorine is unclear.

Oxygen is also an abundant element on the samples
(102°-10%'atoms/m?). However, we cannot make conclusive
interpretations until the influence of post oxidation in air
has been clarified.

Redeposition on the Carbon Limiters

Visual inspection of the limiter surface did not usually
reveal surface features which could characterise important
erosion mechanisms. Only a few arc tracks have been observed
at the side edges.

In general, the distribution of metals on limiters from all
three periods show large deposited amounts at the side edges
(>10%'atoms/m?) and lower ones at more central parts
(<102'atoms/m?), Fig.6. There is a tendency for increased
deposited amounts at the 5ide edges starting from the 1983
period. The different shapes of the distributions can be
correlated to different experimental conditions as discussed
below. The Molybdenum as found on the 83 and 84 limiters
exhibits the same distribution as Ni although it is not
present in the wall material.

Ti is a trace element in inconel, and K, Ca are trace elements
in the carbon bulk (only shown for the 83 limiter). Cl was
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111)

also detected on the 85 limiter showing a similar distribution
to other contaminants.

Surface Topography of Deposits

There are three different features of topography on wall LTS:

(i) Uniform metal layers.
(ii) Metal splashes from melting process, @<1QO0um.
(iii)Droplets, possibly formed on the surfaces @<1Qum.

They appear on all wall sites with an enhancement of (ii) on
the bottom of the machine, part of it found in form of debris
(=30g in 1984 /6/).

The metal on the limiters was distributed in the carbon bulk
/T7/ and droplets appear to be embedded in carbon grooves at
the surface /2/. Because of this depth distribution the very
surface of the limiter is still about 90% carbon, as measured
by Auger analysis.

DISCUSSION

Identification of Erosion and Redeposition Zones at the Wall

All surfaces which have been exposed to tokamak operations are
sub ject to erosion and deposition processes. The relative
importance depends on the actual location of a specific
surface relative to the plasma. The inside wall of JET was
more affected by disruptions and run away electrons than other
locations. The main heat load went to the protection plates
while the inside wall itself acted much more as a deposition
zone for the eroded material. A similar correlation between
erosion and redeposition can be inferred from the Fe
distribution of the 1985 period, Fig.4. The location of the
peak maximum coinclides with that of the Langmuir probe which
was destroyed by runaway electrons. A more detailed analysis
/3/ shows the Fe distribution depending primarily on the solid
angle between a specific LTS and the probe suggesting vapour
distribution. Although this probe accident happened at the
beginning of the 1985 period all the subsequent discharges did
not change the original distribution showing that erosion at
the wall was relatively weak. Most of the erosion and
deposition appears to occur in unstable or disruptive
discharges. The Mo distribution on the 1984 LTS, /2/, may
serve as an example for erosion and redeposition during all
discharges. The poloidal distribution of redeposited Mo also
suggests the presence of a source-sink correlation as most of
the Mo is found at the same poloidal position as that of the
limiters.

From these observations we may draw the following conclusions:
The closer a surface is to the plasma the more likely it is to
be subject to erosion in normal discharges. Melting and
evaporation events caused by disruptions or run away electrons
may occur everywhere and are locally confined.

All these erosion processes are well recorded by the deposits
found at the wall indicating low re-erosion from there.
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Relative Importance of Different Wall Erosion-Processes

In this section we will make some order of magnitude estimates
of some erosion processes. We shall first consider the
possible contribution of charge exchange neutral sputtering
(CXNS). From the energy distribution of the measured /8/
CX-neutrals and from known sputtering yields /9/ we may
estimate possible erosion yields. In order to take into
account the most important low energy (<lkeV) part of the
CXN-distribution we have to extrapolate the measured curves.
At the maximum of the product of sputtering coefficient and
flux density we have, for the 1984 period, assuming a 2w
source distribution and uniformity:

Yoyy= 3-10%°atoms/m®s x 3 x 107% x 1000 discharges x 15s
= 1.4 x 102'atoms/m?

For the ions we take the temperature (+10eV) from recent
Langmuir-probe measurements /12/ and assume a uniform
distribution and similar fluxes as for CXN. We then get for
1985

Y 3.10'®%atoms/m?

ion
The influence of a disruption or run away electrons is
difficult to assess. Analysis of the Langmuir probe melting
process indicated the presence of at least 20MeV electrons
which deposit at least 25kJ into the metal parts /11/, leading
to evaporation and melting of 85g SS304. This amount may be
converted to an equivalent of

Ydisruption 5 x 102'atoms/m?

if eroded evenly from the entire vessel wall. No damage was
observed on the inside wall carbon tiles during 1985 which
showed that there were no powerloads significantly over S5MW/m?
for 10s since this is the maximum heat load the tiles could
withstand.

Besides tokamak discharges glow discharge cleaning processes
also contribute to wall erosion /12/. Assuming sputtering and
taking the GDC data for 1985 we end up with an amount of

Yope = 2 X 102'atoms/m?
assuming again uniformity over the vessel wall.

These estimates indicate that rather than normal discharges
alone erosion by disruptions/runaway electrons and GDC, are
also important. The contribution of CXNS is very uncertain
and might be higher if non isotropic flux distributions are
taken into consideration. However, the data, especially the
experimental results from wall LTS indicate that stable plasma
discharges do not contribute significantly to wall erosion.
Although we do not know the influence of arcing on the overall
erosion in JET there are indications /2/ that it also occurs
predominantly in unstable discharges.



Modeling of Erosion and Redeposition Processes at the Carbon

Limiters

Besides the effect of wall damage, wall erosion leads also to
the contamination of carbon limiters with metals /2,5/ thus
reducing the advantage of making them out of a low Z material.
In JET, the limiters are the dominant source for metal
influxes into the plasma /13/. Taking the spectroscopically
measured fluxes of Ni for instance and calculating the time
which would be needed to clean the surface of the limiter
gives 10s to 100s or 1 to 10 discharges. This is obviously in
contrast with the surface analysis results where up to 102!
Ni/atoms/m? have been still detected after several hundred
discharges. The most likely explanation for this is that
significant impurity recycling occurs on the limiter itself.
This is supported by the observation that Mo exhibits the same
distribution on the limiter as Ni does but without having a
source on the wall. We may therefore model the erosion and
deposition processes at the limiters, integrated over all
discharges in the following way:

We assume a net, constant and uniform deposition concentration
Co on the limiter surface. This may be caused by vapour
deposition occurring during disruptions for example or by glow
discharge cleaning.

In plasma discharges we assume an erosion flux due to a power
flux decaying exponentially radially outwards beginning from
the leading edge of the limiter:

-(K"'a)/lE
E = Eoe
with r = radial position
a = radial position of the limiter leading edge
Ag = decay length

Power fluxes have been measured thermographically /14/ giving
A- values from 10 to about 20mm.

We now assume that the plasma impurities are partially
redeposited on the limiter by a radially outward decaying
deposition flux:

-(r-a)/ip
D = Doe

Ap is not known but may be different from Ag.

For simplicity we assume Ay = Ap and, taking into account the
angular (a) dependence of ghe f%uxes on the limiter surface
owing to its cylindrical geometry in toroidal

direction, we get the following normalized deposition
distribution:

C(;) - cX(g) = 1 + Poe—(r—a)/k cos a
D . -E
with p,. = 9.0
0o Co
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P, may be considered as the net deposition or erosion
constant depending on whether it is larger or smaller than
zero.

Fig.7 shows a comparison between this model and the
experimental data from 1983 and 1984, taking values for P and
A as indicated.

Radial position (mm)
62.5 4329 23175139565 4 2 1 0

00 M T T T rr T T T T T T T T T T T T T T T
- 1984 Limiter b a)ya= 22mm
- : P =170
= |
_ X |
x> X
b X %X A
X X X | x
100 | x
x
x \ |
5 - [
G - A )
c
S B l
(8]
- | o |
Q
1.0
© a | ®
N - \? @ | -]
© a ele
E : @ | @0@@ ®
) °®
z - N :
|
o1 |— '
= |
- |
' |
™ 1983 Limiter ' b)A = 14mm
P = -9
0.01 l [ 1 1
0 100 200 300 400

Position on timiter {mm)

FIG.7: Modelling of erosion and deposition processes

on the limiter surface. Crosses are experimental
data.
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Obviously the 1984 distribution can be approximated to some
extent by a deposition determined process (P>0) while the 83
distribution is better described by an erosion determined
plasma limiter interaction (P<0). The reason for this is yet
not fully understood. The 1984 distribution was in addition
affected by muth higher limiter temperatues (=1500°C compared
to less than 650°C in 1983) which have distributed metal by
diffusion into the limiter bulk /7/ thus protecting it from
re-erosion.

The 1985 limiter metal distribution cannot be explained with
this model because of the interfering action of the RF
antennae.

The antennae shadowed the limiter such that regions below 80mm
and beyond 370mm on the limiter surface received lower fluxes.
Thus the steep increase in surface concentration there is not
caused by mechanisms as mentioned above.

In general we may conclude that not only metal but other
impurities including the limiter material carbon are
redistributed in the same way. From unexpectedly high
deuterium amounts found on the side edges of the 1984 and 1985
limiters, suggesting the presence of carbon-deuterium
codeposition /2,3/, we may evaluate the amount of deposited
carbon. The amounts could be in the range of 1022 to
1023atoms/m?, about an order of magnitude more than for Ni.
This is in agreement with spectroscopical observations showing
a factor of 10 larger C-fluxes than Ni fluxes.

A calculation of impurity erosion on the limiter surface
employing spectroscopically measured particle fluxes for
hydrogen, metals, carbon and oxygen /12/ indicates that a
large part of the carbon erosion may be due to oxygen and self
sputtering. There is, so far, no experimental indication for
chemical erosion of carbon by hydrogen. Chemical erosion
would not be expeded to be significant for such high incident
fluxes as measured on the limiters (102'-1022ions/m2?.s) /15/.

1V) CONCLUSIONS

Erosion and deposition investigations in JET indicate that in
stable discharges wall erosion is negligeable while most of the
wall damage is due to singular events such as disruptions and
runaway electrons, hitting the wall. Glow discharge cleaning runs
integrated over a total experimental period may also contribute
significantly to wall erosion.

All erosion processes may contribute to the contamination of the
carbon limiter surface with metals. In plasma discharges
contaminants are re-eroded from there and probably redeposited
undergoing a recycling process on the limiter. During a discharge
only a minor part of the limiter material seems to be transmitted
to the walls.
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THE DEPOSITIONS OF HYDROGEN ISOTOPES ON
CARBONISED FUSION REACTOR WALLS

B.Y. EMMOTH, H. BERGSAKER
Research Institute of Physics (AFI),
Energy Research Commission,
Stockholm, Sweden

Abstract

Results from recent tokamak experiments, with a carbonised surface

covering the first wall, could give information on the surface content of
hydrogen isotopes in the surface layer of a fusion reactor, and the risk

for surface embrittlement. An important tool for such studies is the use

of long term samples exposed in larger tokamaks of today for extended periods.
Varying plasma conditions and disruption events is the cause of an ununiform
deposition distribution. The total surface inventory of hydrogen isotopes

can be estimated from these results.

1. INTRODUCTION

The idea to generate electricity by thermonuclear fusion has led to large
scale experiments with tokamak reactor chambers, having the purpose to study
plasma physics and plasma-wall interactions. Long term changes of the wall
surfaces may change its stability and influence the wall lifetime. Equally
important is that such changes may influence the control of the plasma per-
formance, since gradual changes of the surfaces affect the recycling of the
fuel gases. Hydrogen recycling is an interchange of hydrogen fuel between
plasma and wall /1/. Recycling is a complex phenomenon, strongly influenced
by plasma-wall interactions and is determined by the bulk diffusion of therm-
ally activated hydrogen, and the surface conditions /2/, which are influenced
by erosion and deposition of materials during the discharge /3/, as well as of
wall treatments such as wall conditioning and carbonisations /4/.

Surface conditions and roughness, hydrogen content and the surface layer
composition is thus of major concern for both the wall lifetime and plasma
performance. Long term changes of the fusion first wall surface can already be
studied by exposing samples during longer periods to discharges in larger
tokamaks. Recently, carbonisation procedures have been developed /5/, which
seem to improve plasma performance, but it is still not known whether such
layers have the necessary stability as fusion reactor first walls. It is known,

however, that such layers contain high amounts of the fuel gas or the hydrogen
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isotope used in the wall treatment operations. In this paper we will, on the
basis of recent results from JET and TEXTOR, describe the expected distribution
and the concentration limits found from experiments and estimate the expected
fuel inventory within this surface layer and the possibility of a degradation
of the layer stability due to the high gas content, the radiation impact and

problems related to erosion/deposition of impurities.

2. HYDROGEN DEPOSITIONS ON WALLS AND LIMITERS

Samples mounted on inner walls of the torus at different tokamaks, have been
exposed for shorter or longer periods in order to study the end results from
long term exposure of surfaces facing the plasma. Samples from large tokamaks
were exposed up to several months and in some cases for hundreds of discharges.
Such samples may give a relatively correct picture of the final surface
modification that will result, although the history of the surface is

complicated with respect to exposure conditions, plasma parameters and

wall treatments. In this work our interest has been focused on carbonised

walls and where deuterium has been used as filling gas.

Measurements of the net deposition of deuterium shows a larger scatter in the
amount of detected surface concentrations for the wall samples. Investigating
carbon limiters yield, however, more repetitive results, but the distribution
is clearly related to the heat flux distribution. Fig. 1 shows within which
concentration range deuterium varies. The area marked with lines between two
dashed curves, covers an areal density of deuterium between approximately
1x 1020 to 1 x 1022 atoms/mz, where the upper curve is an indication of a
typical toroidal variation, whilst the distance between the upper and lower
curves indicates a typical poloidal variation. Fig. 2 shows a distribution
which can be found on the limiters. In the middle of the limiter, which is
facing the plasma more perpendicular and which is in closest contact with the
plasma, the deuterium surface concentration is least due to the influence of
the heavy power flux /5,6/. The region in the middle of the limiter tiles that
receive a higher power flux, as also indicated in the figure. Towards the sides
of the limiter tile the deuterium concentration increases to unexpected values,
as will be explained below, whilst the concentration fall down, when we reach the
points on the limiter that are not facing the plasma core directly.

The highest concentrations in the surface regions found are around 1 x 1022

atoms/m2 both for wall samples and limiters. It should be noted that these numbers

refer to studies when wall carbonisations have been performed routinely.
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Fig. 1. Showing the variation of the deuterium areal density on samples
exposed for a large number of discharges and at many positions
within the torus. The results fall between the upper and lower
dashed curves. The upper curve shows the maximum densities and

the toroidal variation for all eight segments.
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Fig. 2. Showing areal densities of deuterium on limiter tiles and the
variation when the analysis is done from the side of the tile which
faced the ion direction to the other side facing the electron drift.
In a middle region of the limiter tile, which is nearly perpendicular
to the plasma core, the deuterium density is lowered due to the
heat flux. This region becomes broader for higher power fluxes, as

indicated by the dashed lines.
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3. TOTAL HYDROGEN INVENTORY IN THE WALL SURFACE LAYER

From the presentation in the preceding section we can make an estimation of the
hydrogen inventory within the surface layer. We calculate the lower and upper
limits from the figures. If the inner surface area of the torus is 200 m2, as
for JET, we find a surface inventory of hydrogen

2 x 1022 atoms < the H-isotope < 1 x 1024 atoms
i.e. within a near-surface region of a few um.

If we compare with a bare Ni surface, we find that for Ni the surface
regions contains much less hydrogen, probably a factor 100 lower concentration.
From our estimation we find that the amount of hydrogen in the carbon layer
should be about 100 times that in the discharge. The trapped hydrogen will

remain in the layer also after removal from the vessel and exposure to air.

4. DISCUSSION: CARBON LAYER LIFE-TIME

We have showed that the carbon layer on top of a metallic wall or a graphite
limiter contain very high areal concentrations of deuterium. For metallic
surfaces it has been reported earliet that a high load of hydrogen in the surface
region can cause embrittlement/7/. The areal concentrations we report here

have not been possible to reach in ion implantation experiments, a fact that
explains why our knowledge about these coatings still is limited. It has been
reported recently, that the stability of the carbon layer is good during normal
discharges /8/ but it is destroyed by heavy disruptions. The carbonisation is
done in a mixture of H2 and methane, and a glow discharge. When successful the
layer have diamond like bonds. Earlier, it has been showed that a diamond like
layer has better sputtering properties than if the layer is amorphous /9/.

Although the carbon layer has been produced in a discharge with H long term

’
exposure to deuterium tokamak discharges will result in mixture of ihe two gases
within the layer /10/. We also conclude that we reach a deuterium level that
probably is constant. Erosion and deposition together with recycling, take place
simultaneously, but for a large number of normal discharges the layer seem to keep
its composition and structure. Due to disruptions and accidents together with
redistribution of material during glow discharge cleaning, the investigated samples
always contain metallic impurities. The formed layers can therefore also be
different types of carbides.

An important aspect on carbonisation is that the process in which the carbon

layer is formed appears to be reversible /8/. Therefore the gases in the layer

can be pumped off if necessary before parts of the surface is removed.
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Our knowledge about carbon layers formed in carbonisation processes in tokamaks

is still very limited. We need to investigate sputtering, embrittlement and even

the composition and structure. Laboratory experiments may be difficult to perform,

since we can not simulate conditions in a large plasma device. Long term sample

and limiter analysis is probably the only way for a better understanding of

these processes.
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